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Abstract

With the introduction of cryogenic propellant combinations for space engines, there has been an
increasing interest in the study of the behavior of the propellant in the tanks in which it is stored.
This study can be carried out in two ways. The first approach involves both the dynamic behavior
of the propellant, i.e. the sloshing analysis, and the thermo-fluid-dynamics behavior, which are
analyzed as coupled phenomena. Conversely, in the second approach, the two phenomena are
studied separately. In this thesis, the second approach has been used, and only the thermo-fluid-
dynamics characterization of the behavior of cryogenic propellant in tanks has been carried out, since
a consolidated reduced order activity on the sloshing analysis is already present in the literature.

Cryogenic propellants, having a very low boiling point, are subject to phase transitions even
when exposed to very low heat leaks. As a result, the pressure raises inside a closed non-venting
tank. Moreover, the tanks, especially those belonging to the upper stages of space launchers, are
subjected to time-varying heat leaks and gravity levels during their operating life. The thermo-fluid-
dynamics characterization mainly aims at estimating the evolutions of tank pressure, of the local
fluid temperatures, of the phase change rate, and of the propellant location (in the case of reduced
gravity). All these analyses, are necessary in order to guarantee the reliability and safety of a tank
operation (feed turbopumps with propellant at appropriate temperature and pressure conditions,
guarantee that only liquid drains from the tank outlet, ensure that only vapor comes out of the
venting valve, etc.).

Due to the cost and complexity associated with the experiments, numerical tools of various
levels of complexity have been implemented over the years to carry out the thermo-fluid-dynamics
characterization. The first approach is characterized by the use of reduced order models. The
latter allow quick estimates of the main observables, and, therefore, represent an engineering tool
necessary in the case when a large number of parametric analyses has to be carried out, as in an
industrial design process. The second approach involves Computational Fluid Dynamics (CFD)
simulations. These last allow to perform more accurate analyses than the previous approach, and
to study the complex physical phenomena at play. However, the drawback of CFD simulations is
the elevated computational cost with respect to the reduced order models.

The aim of this study is twofold. On the one hand, a suitable zero-dimensional model has been
developed, implemented in Matlab, and successfully verified through the comparison with the results
of a one-dimensional code developed by NASA (see Chap. 2). Later, it has been used to simulate
two tank characteristic operating conditions, for which experimental data were also available. A
ground-based self-pressurization experiment in a small-scale liquid Ng tank (see Chap. 4) and a
ground-based active-pressurization experiment in a different small-scale liquid No tank (see Chap.
5). On the other hand, the aim of the study has been the development of a state-of-the-art CFD
methodology (see Chap. 3), capable of estimating the main thermo-fluid-dynamics observables,
and to study the main physical phenomena at play inside tanks of various species of cryogenic
propellant, and characterized by different operating conditions. The proposed methodology has
been successfully validated through the comparison with the experimental data of three benchmark
test cases, characterized by different propellants, geometries, and operating conditions. This has
been done in order to develop a computational tool which guarantees reliability during most of the

operating life of the tank. Moreover, for the various validation test cases, different physical and




numerical models and parameters have been tested, in order to find the ones which allow the best
reproduction of a particular operating condition, as well as the optimal parameters in terms of the
trade-off between accuracy and computational time. The three validation test cases which have

been simulated are:

e A ground-based liquid No self-pressurization test case, inside a small-scale tank (see Chap.
4).

e A ground-based liquid Ny active-pressurization test case, inside a small-scale tank (see Chap.
5).

e A self-pressurization test case carried out in the liquid He tank of the second stage of the
Saturn IB AS-203 vehicle, while it was into circular low Earth orbit (see Chap. 6).

Then, the validated CFD methodology has been used to carry out a parametric study on the gravity
level. In particular, four gravity levels, from normal gravity (gz = 9.81 m/s?) until the reduced
gravity of 1073¢z, have been considered. This study has been performed using the same geometry,
fluid, and operating conditions of the first validation test case. The parametric study has allowed
to see the effect of the gravity level on the pressurization behavior, phase change, and liquid-ullage
interface shape.

Finally, the developed, and repeatedly validated zero-dimensional model and CFD methodology
have demonstrated to allow to perform, with a different level of detail, the thermo-fluid-dynamics
characterization of the behavior of cryogenic propellant, under most of the operating conditions of
interest for tank design. Nevertheless, the operating conditions considered in the present thesis do
not involve the case of fluid with sloshing. In order to carry out a more comprehensive study of the
actual behaviour of cryogenic propellant in tanks, the sloshing phenomenon should be included in
future work. Indeed, sloshing happens very often in cryogenic propellant tanks and, although being
a mainly dynamic in nature process, it has a strong influence on the propellant thermal physical

phenomena.
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Chapter 1

Introduction

This study aims at improving the understanding of the complex physical phenomena occurring inside
the tanks for cryogenic propellant. These phenomena, although being coupled, can be studied, in
the first instance, as decoupled, and can be divided into two macro categories, the first is the thermo-
fluid-dynamics characterization, the second is the sloshing analysis. Sloshing is the movement of
the unrestrained free-surface of the liquid contained in a partially filled tank, which happens when
the latter is subject to a sudden movement or acceleration. We have concentrated only on the first
category, because a well established reduced literature can be found about the sloshing topic [2],
even if it is not strictly focused on the cryogenic propellant.

Our study is carried out mainly through CFD simulations. These, although being very compu-
tationally time-consuming for a two-phase flow problem, such as propellant tanks, allow to account
for the complex physical phenomena at play. But, we have considered also reduced order models be-
cause, even if they simplify the physics involved, they offer an engineering tool suitable to compute
the principal operating parameters of a cryogenic tank, in a reduced computational time.

Cryogenic fluid tanks are extremely interesting for many current and future applications. One
of them is the transportation of liquefied natural gas (LNG), a rapidly expanding non-renewable
energy source, over great distances, such as across oceans. Furthermore, because of its numerous
uses in the energy, automotive, and aerospace industries, there is an increasing demand for the
storage and transportation of huge amounts of liquid hydrogen (H2). Due to their higher specific
impulse than storable hypergolic propellants, cryogenic propellants are particularly appealing in
the aerospace field, but their storage is tricky, especially for long-term applications. Alongside the
traditional cryogenic propellant combination of liquid oxygen (O2) and liquid Hy, the combination
of liquid O and liquid methane (CHy) is receiving growing interest in liquid rocket engines, as it
will be clear in Sec. 1.2. Despite not being a fluid of interest as a rocket fuel, liquid nitrogen (Ng)
is very often used to test experimental equipment [56, 57, 84, 93], since it is more readily available
and manageable than, for instance, liquid Ha.

Experimental measurements provide an effective method for studying thermo-fluid-dynamics
phenomena of self-pressurization but, to the high costs of the test equipment and the challenges
associated with the management of cryogenic fluids, CFD analyses have become an appealing tool for
supporting both the design of cryogenic propellant tanks and the reconstruction of the experimental
tests. The latter might be used to validate, verify, and improve the CFD models. Although there

have been many experiments in cryogenic tanks, not all of them have clear and reproducible initial
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and boundary conditions, making them acceptable for comparison with CFD results. A review of
significant experimental literature data for the validation of cryogenic tank models in case of self-
pressurization in normal gravity, of active-pressurization in normal gravity, and of self-pressurization
in reduced gravity can be found in Sec. 4.1, in Sec. 5.1, and in Sec. 6.1, respectively. The
experimental studies carried out in cryogenic tanks can be separated in experiments carried out in
large-scale tanks and in small-scale tanks. When the characteristic dimensions of an experimental
tank closely resemble those of a tank used in a real application (for example of the order of a few
meters for rocket or satellite tanks), the tank is said to be large-scale. Small-scale experimental
tanks, on the other hand, have dimensions of the order of tens of centimeters, and are frequently
used for model validation and tank design development.

In this chapter, once the cryogenics concept is introduced (see Sec. 1.1), the international interest
in cryogenic propellant is explained (see Sec. 1.2). Then, the basic concepts of tank design are
shown (see Sec. 1.3), and the attention is focused on the thermo-fluid-dynamics characterization
(see Sec. 1.4). Next, the aspects characterizing the study of cryogenic tanks in reduced gravity
environment are discussed (see Sec. 1.5). Finally, an outline of the thesis is provided (see Sec. 1.6).

Due to the numerous physical phenomena involved, the thermo-fluid-dynamics characterization

of cryogenic tanks is a challenging task, and which would require a further deepening.

1.1 Cryogenic matters

The practice of creating extremely low temperatures and the effects created by low temperatures
is known as cryogenic engineering. The cryogenic temperature range is commonly defined as from
-150°C to absolute zero (i.e., -273°C or 0 K) [109]. Theoretically, the molecular mobility is close to
halting altogether at 0 K. The temperatures experienced in cryogenic environments are far lower
than those in regular physical processes. The alteration in thermal conductivity, ductility, strength,
and electric resistance under these harsh circumstances is crucial. As heat is thought to be produced
by the random motion of molecules, this suggests that substances at cryogenic temperatures are
extremely near to a static and highly ordered state.

Cryogens have become very significant because of their application in space propulsion systems,
in medicine and surgery, and in studies of basic physical phenomena at low temperatures. The
creation of superconducting electromagnets for particle accelerators makes extensive use of the
superconductivity of materials that have been cooled to extremely low temperatures. Many satellites
need cryocoolers (heat exchangers that operate at very low temperatures) to chill the infrared and
microwave detectors, allowing for the reception of sharper images.

Cryogens, often liquefied gases, are substances used to achieve or sustain cryogenic temperatures.
Liquid Ng, Hg, O2, and helium (He) are examples of common cryogens. The boiling points at 1 atm
of the most common cryogens are summarized in Tab. 1.1.

Since the liquid phase takes up significantly less volume per kilogram than the gaseous phase
does, the storage of liquefied gases is crucial from a commercial standpoint. The storage and
transportation of LNG is a crucial commercial use of cryogenic liquefaction techniques. Natural gas
is liquefied at about 110 K, and it becomes very compact, so that it may be transported effectively
in properly insulated tanks. Cryogens like liquid O9 and liquid Hy are utilized as propellants for

spacecrafts and rockets. The major drawback of using Ho as fuel in aerospace vehicles is its need for a
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Table 1.1: Boiling points at 1 atm of the most common cryogens, taken from NIST Chemistry WebBook

[65].
Species Boiling point at 1 atm [K]
Ny 77.36
H, 20.37
Oq 90.2
He 4.22
CH,4 111.67

large storage volume. Hs has a density of around 0.09 kg/m? at standard pressure and temperature,
compared to about 800 kg/m? for gasoline and kerosene. This is the major reason for storing Ha
in liquid form at cryogenic temperatures. At a given amount of energy the volume of Hs would be
four times larger than that of kerosene. Liquid Hs is also expected to play a significant role in clean
and fossil-free transportation energy systems.

Since cryogens are by definition colder than their surroundings, they are constantly in a hostile
environment. This significant temperature differential makes boiling easy to achieve. Film boiling
happens often, especially when cooling down an equipment. In many circumstances, two-phase flow
and the ensuing unsteadiness are to be expected. Experiments with cryogens are required because
the boiling correlations for noncryogens are not suitable.

He is the sole cryogen that exhibits anomalous fluid flow and heat transfer behavior. He is
liquefied at 4.2 K, and this liquid is called helium I. At a temperature of 2.17 K at 1 atm, known as the
lambda point, it is abruptly transferred to helium II. This last exhibits very uncommon properties
including superconductivity and superfluidity, i.e., exceptionally high thermal conductivity and low
viscosity.

Liquid gas storage at low temperatures necessitates insulations with significantly lower thermal
conductivity than standard insulations. New insulation materials and techniques have been de-
veloped for this purpose. A remarkable example is the so-called superinsulation materials, which
consist of many layers of highly reflective material separated by low-conductivity spacers of some

type, and evacuated to low pressures.

1.2 International growing interest in cryogenic propellant

With high specific impulse and non-pollution, cryogens have been widely recognized as a powerful
and promising fuel for space exploration. In the cryogenic field, in recent years, international
attention has been increasingly focused on the use of CHy for the future space exploration. Indeed
liquid CHy, despite having a lower specific impulse with respect to liquid Ho, is easier to store,
due to its higher boiling point and density, as well as its lack of Ho embrittlement. It also leaves
less residue in the engines compared to kerosene, which is a favorable characteristic for reusability.
Moreover its possible use with In-Situ Resource Utilization (ISRU) enables sustained exploration
of Mars [97]. Among the CHy-powered engines currently under development there are Prometheus,
ESA’s M10, Blue Origin’s BE-4, and SpaceX’s Raptor. M10 engine, that will be used on the third
stage of Vega-E launcher, is the first European engine powered by CH4. The progress achieved in
Europe with cryogenic systems and, in particular, with liquid O /liquid Hs propellant combination,

has allowed the development of the Vinci upper-stage engine, which is a derivative design of the
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predecessors HM7, Vulcain and Vulcain 2 thrust chambers, and which represents Europe’s first
approach to an expander cycle engine. M10 engine arises from the acquired European expertise
with the expander cycle engine, but with the objective to use the "soft" cryogenic CHy.

European Space Agency (ESA), in 2017, started funding the development of Prometheus, a
reusable rocket engine powered by liquid CHy and liquid oxygen Os, which will likely be used on a
future version of Ariane 6, the Ariane Next.

SpaceX’s Raptor engine will power, with high performance, the upper (Starship) and lower
(Super Heavy) stages of SpaceX’s new class of fully reusable launchers. The choice of CHy for this
engine has been dictated not only by the relative ease of storage compared to liquid He and the
chemical properties of its combustion, but also by the possibility of producing CH, in situ from
the Martian atmosphere, which mostly contains carbon dioxide. This class of SpaceX’s launchers
was born, in fact, with the aim of colonizing Mars. Both the Starship and the Super Heavy
will allow the propellant to be kept in a cryogenic state in innovative stainless steel structures.
Furthermore, the Starship has three possible versions of integrated payload: either a spacecraft,
or a vehicle to deploy satellites, or a tanker, i.e. a structure for the supply of propellant in Earth
orbit. The tanker will allow to launch a heavy vehicle into interplanetary space, since the vehicle,
being refueled in obit, will be able to consume the tank twice, once to enter Low Earth Orbit
(LEO) and then to leave Earth’s orbit. This design allows for a velocity increase similar to that of
three-stage rockets, without the need for the corresponding mass ratios. Such an ambitious program
requires propellant transfers in orbit from the tanker to the Starship, an objective that could not be
achieved without studying the behavior of the propellant in microgravity, and without the design
of specific devices to know and control propellant position over time. Transferring liquid CHy in
microgravity is, also, one of the primary goals of the NASA’s mission Robotic Refueling Mission
3 (RRM3). The techniques required to perform cryogenic transfer will allow to replenish depleted
satellite tanks, advancing satellite servicing capabilities, and enabling long duration, deep space
exploration. Moreover, using cryocoolers and advanced Multilayer Insulation (MLI) to balance
temperatures, RRM3 has demonstrated the first ever long-term storage of cryogenic fluid with
zero boil-off, having successfully stored cryogenic fluid for four months on the International Space
Station (ISS), prior to the venting operation. Moreover, NASA, with its Evolvable Cryogenic
(eCryo) Project, is currently playing a critical role in the maturation of cryogenic fluid management
(CFM) technologies. eCryo is addressing four focus areas: analysis tools, MLI characterization,
vapor-based heat intercept, and radio frequency mass gauging (RFMG).

Finally, the use of cryogenic propellants is also envisaged in the aeronautical field, given Airbus’

goal of decarbonising the skies, putting a Hs aircraft on the market in 2035.

1.3 Tank design

Cryogenic tanks’ primary purpose is to store and deliver propellants in adequate thermodynamic
conditions for all phases of a space launcher mission (ground, flight coasting, and flight firing).
In this section, a summary of the main aspects concerning the cryogenic tank design for space

applications (e.g. the typically used configurations, shapes, materials etc.) is provided.
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Tank subsystem

Typically, a tank assembly or subsystem consists of:

e A bare tank to ensure the storage of the propellant and the mechanical strength;

Insulations to ensure the thermal performance;

Propellant Management Devices (PMDs), which will be extensively discussed in Sec. 1.5;

Lines to be able to pressurize, fill and drain the tanks;
e Measurement tools (pressure, propellant level, temperature), not always present;

e Additional tank devices.

Additional propellant tank devices

Other devices typically used in space tanks are:
e Anti-Sloshing Devices (ASDs) to limit and damp sloshing;

e Anti-Vortices Devices (AVDs) to prevent the creation of vortices, and, consequently, help to
feed the turbopumps with a liquid flow free of bubbles and with a velocity profile as uniform

as possible;
e Baffles to limit the de-spin phase duration prior to engine reignition;

e Diffusors to prevent liquid ingestion in the pressurization lines and strong deformation of the

free surface during pressurization phases.
Design configurations

There are two basic cryogenic propellant tank configurations for liquid rocket applications: one for
pressure-fed upper-stage systems and one for booster-stage systems [40]. The specific application
affects the working tank pressure level. In fact, the employment of a turbopump-fed engine system
is necessary for booster applications and frequently also for upper-stage applications, allowing for
relatively low working tank pressures (below 10 bar). Instead, pressure-fed upper-stage propulsion
systems for relatively moderate thrust applications use a gas-pressurized propellant feed system,
resulting in greater operational tank pressures (from around 10 to 30 bar).

Fig. 1.1 shows the propellant tank configuration of a typical booster-stage propulsion system
of a large launch vehicle. Such a system can be used for either storable or cryogenic propellants.
The tanks are arranged in tandem, and form the walls of the vehicle structure. The tanks rep-
resent a large percentage of the vehicle inert weight. Low pressure levels allow constructing the
tanks with extremely thin walls, but the often huge tank structures develop sensitivity to external
buckling loads. Two design options are available to stabilize the tank: pressure-stabilization and
self-supporting structures. When using the first option, tank pressure must be kept above a specific

minimum by using controls. However, at least until the 90s, in most booster-stage systems, the
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Figure 1.1: Propellant tank configuration of a typical booster-stage propulsion system, from [40].

second option was selected, and tank wall was reinforced by skin stringers or by other structural
means [40].

The propellant tank configuration of a typical upper-stage propulsion system is shown in Fig. 1.2.
The tanks are contained in an outer cylindrical shell, designed to withstand all boost and flight
loads. The tanks are two modified spheres, faired into conical sections at the bottom for propellant
discharge. Moreover, they are bolted to the shell structure around their support ring. The system
shown is gas-pressurized using He gas, which is stored, at an initial pressure level higher than 300
bar, in two liquid-nitrogen-jacketed, high pressure spherical tanks, placed between the two primary
propellant tanks.
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Figure 1.2: Propellant tank configuration of a typical upper-stage propulsion system, from [40].

Shape

Propellant tank shape is influenced by both vehicle design and tank pressure. Vehicles with relatively

high length-to-diameter ratios and small diameters typically use cylindrical-shaped tanks. When

6
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tank pressures are reasonably high, and there are less restrictions on tank diameter and slenderness,
spherical tanks may be advantageous. As a propellant tank, a sphere offers the smallest surface-
to-volume ratio and the smallest shell stress for a given internal pressure, but the combination of
several spheres into the rocket structure, which is typically cylindrical, causes weight and volume
penalties. Moreover, a sphere does not allow to the tank wall to be used as a load-carrying member
of the rocket structure, resulting in additional weight and volume penalties. Additionally, the ends
of cylindrical tanks might be spherical or elliptical. The cylindrical tank with spherical ends weighs
less than the one with ellipsoidal ends, but, overall, a tank with ellipsoidal ends may lead to a weight
reduction, because it allows for a shorter interstage structure. In some cases, the propellant tank
ends are designed with particular shapes, such to accomodate structural loads, minimize residual

propellant, and utilize available envelope.

Structural loads

Being structural members, propellant tanks must be designed in such a way to withstand a combi-

nation of the following structural loads:
e Internal pressures and their dynamic effects
e Axial thrust loads and their dynamic effects

e Bending moments due to vehicle transverse accelerations, wind loads, and shifting of the

center of gravity
e Aerodynamic forces
e Thrust-vector-control forces
e Vibration and shock loads
e Loads produced by mounting arrangement
e Loads caused by thermal transients and gradients
e Loads produced during ground handling

Internal tank pressures and axial-thrust loads are the main ones in the majority of vehicle systems.
The evaluation of these and other loads must be thorough, and should involve experimental testing.
Finally, the relatively thin, highly stressed shells make it challenging to attach concentrated loads.

For this reason, the loads must be spread out in order to prevent localized overstresses.

Wall material

The selection of the proper material for a cryogenic tank is based not only on consideration of
compatibility with the propellant, of maximization of the strength-to-density ratio at a given tem-
perature and on ductility requirement. Indeed, an important prerequisite for material selection is

knowing the precise strength characteristics, degree of brittleness, and notch sensitivity of the tank
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construction material at the cryogenic propellant service temperature range (as low as approxi-
mately 20 K for liquid Hy services). Most austenitic and semiaustenitic stainless steels, as well as

the majority of aluminum (Al) alloys, have good mechanical properties at cryogenic temperatures.
Insulation types

In order to reduce the heat influx into a cryogenic system, a thermal insulation is sometimes used.
Liquid Hs offers the most significant tank design issues among the cryogenic propellants, primarily
because of its extremely low service temperature and its relatively high specific volume. Thus,
the tank insulation becomes one of the most critical design factors in a Ho-fueled rocket. Some
design features required by a thermal insulation are: light weight, uniform and repeatable insulation
characteristics, ease of application, low cost, low hazard, reasonable ruggedness, ease of repair, good
reliability, and, above all, low heat-conductivity. Excellent performances can be reached with a
laminated-type insulation, made by an aluminum foil and a structural material, often in multiple
layers. The aluminum foils, being reflectors, reject radiative heat, while the void space in between
prevents conductive heat transfer. This type of insulation has been rarely used in atmospheric
applications, since it can be easily damaged, and subjected to cracks and infiltration of gas. Another
type of insulation, which is finding wide application, are the honeycomb-supported structures. They
are composed by a plastic honeycomb, which goes between an inner and an outer facing sheets. The
cells may or may not be filled with an isocyanate-type foam, depending on weight limitations. The
foam bubbles or the properly sealed cells form individual vacuum spaces when cold (cryopumping).
Thermal conductivity and density vary from one kind of insulation to the other, as well as their
cost, so an optimization study based on mission characteristics has to be carried out before selecting
the insulation type.

The tank insulation may be located internally or externally with respect to the tank wall. It
can be integral, i.e. bonded in place, or disposable during boost, i.e. mechanically retained. Each
insulation design choice has its own advantages and drawbacks. For example, the insulation located
inside the wall has the advantage of isolating the tank wall from the low-temperature effects due
to the direct contact with the propellant, but it is uneasy to install and to repair in case of leaks.
Instead, the external insulation isolates the tank structure from the extreme temperature of the
aerodynamic heating during the boost phase, and it is easily accessible for installation and repair.
However, a tank leak is more difficultly detected with that kind of insulation, and the presence of
a crack causes air liquefaction, with a consequent increase in heat transfer.

Finally, when a common bulkhead is used between cryogenic propellant tanks, as in Fig. 1.1,
the common bulkhead has to be insulated in order to prevent freezing of the propellant with the

higher boiling point.

1.4 Thermo-fluid-dynamics characterization

Cryogenic tanks need stringent control and accurate characterization of the main thermo-fluid-
dynamics phenomena occurring inside them, a scheme of the main ones is shown in Fig. 1.3.
In fact, heat leaks from the outside environment are inevitable in cryogenic tanks due to the

asperity of the cryogenic condition (low boiling point) and to the presence of various conduction
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Figure 1.3: Typical thermo-fluid-dynamics phenomena occurring inside cryogenic tanks.

paths (due to the tank support structures and the propellant lines and valves). The conduction
paths are not the only source of heat leak, indeed, another important contribution is linked to the
particular phase of the vehicle mission: ground hold, boost phase, and coast in space phase. Long
ground hold periods cause large propellant evaporative losses because of the heat leaks mainly due
to solar radiation and natural convection. The boost phase, although of short duration, dictates the
requirements of the thermal insulation. Indeed, this phase is characterized by large aerodynamic
heating. During the coast in space phase, the principal source of thermal energy is radiation from
the sun and the planets, which can be minimized using radiation shields, surrounding the basic tank
insulation. These shields are characterized by proper values of surface absorptivity and emissivity.

Tank heat leaks are the cause of propellant vaporization, which can occur both in the form
of evaporation at the liquid-vapor interface, and in the form of boiling in the bulk liquid, usually
originating near the tank walls. Also condensation at the liquid-vapor interface is common in some
tank operative conditions, for example during some procedures of active-pressurization, as it has
been noticed in some experimental [72, 79] and numerical [67] studies. Propellant vaporization,
together with the heating of the vapor phase located above the liquid, which is commonly referred
as ullage, causes tank self-pressurization, in the case of a closed tank without venting. Pressurization
can also be actively performed in some situations. For example, the loading of the propellant is
done on the launch pad a few hours prior the flight, and the initial pressurization is done just prior
the lift-off (in order to make the propellant subcooled), and then maintained at the required levels
during all the flight phases for the good draining of the propellants to the engine. In the design
phase of cryogenic tanks, tank pressurization has to be reliably quantified in order to estimate the

range of tank operating pressures. Indeed, to design the wall thickness, it is required to estimate the
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maximum operating pressure. In addition, a minimum operating pressure limitation must be set in
order for the entire liquid propellant system to function. For instance, in pressure-stabilized large
booster-stage systems, a minimum pressure value must be exceeded, in order to resist to external
buckling loads. Control of instantaneous propellant tank pressures and temperatures is furthermore
required to ensure proper inlet conditions for the turbopumps.

In addition to pressurization and phase changes, the application of a heat flux to the tank walls
causes heating of the fluid layers adjacent to it, which, due to buoyancy, move upward into the
denser fluid, and generate convective recirculations, both in the liquid and in the ullage. Convective
recirculations in the ullage cause its thermal stratification, indeed the hottest and lightest vapor
layers move in the uppermost part of the ullage, while the coldest and heaviest layers reach the
lowest part of the ullage. Convective recirculations in the liquid transport heat towards the interface
between the two phases. The interface temperature is approximately the saturation temperature
corresponding to tank pressure at a given time [6]. Additionally, the heat input causes the liquid’s
bulk temperature to rise, although at a slower rate than the interface temperature does since, as
previously stated, the interface temperature rise is correlated with the rise in tank pressure via the
saturation curve. This difference in the rate of growth causes a liquid thermal stratification near to
the free-surface, whose extension grows over time, in a closed self-pressurizing tank.

Among the thermal phenomena, an important role is played by the heat conduction inside the
solid wall. For example, for an Al tank partially filled with liquid Hs, and having only gaseous Ho
in the ullage, as the ratio of thermal conductivities for gaseous Ho, liquid Ho, and Al is 1:6:1180,
the heat flux through the walls is much higher than that in the fluid phases, and thin walls only
partially alleviate it [102]. Moreover, the wall divert the heat coming from the upper part of the
tank, in correspondence of the ullage, to the lower part of the tank, by conduction. This happens
both in the case of a closed tank exposed to a uniform heat flux on its exterior wall [89], and in the
case of a tank actively-pressurized with a pressurant gas having a higher temperature with respect
to the fluids already present in the tank [88, 90]. Generally, tank wall thickness has a noticeable
influence on the pressurization characteristics. A thinner wall is preferred not only for lowering the
vehicle weight, but also for a higher pressure produced by a given pressurant gas flow rate [115].

It is well established that the sloshing, although being a mainly dynamic in nature process, has
a strong influence on the thermal physical processes occurring in cryogenic tanks [45, 47, 60, 63, 66].
During sloshing there is thermal de-stratification induced by fluid mixing, as well as heat and mass
transfer at the liquid-ullage interface, which cause large pressure drops in the tank. Moreover,
oscillating liquid cools a large portion of the tank surface, which was previously in contact with the
hot gas. As a consequence, there is a temperature and pressure reduction in the ullage [45, 47]. In
addition, the interface deformation and splashing causes the increment of the liquid-ullage interface
area. This factor enhances the heat transfer from the ullage to the liquid, leading to a further
reduction of the tank pressure. In cryogenic propellants, in conjunction to the heat transfer, there
is a more significant mass transfer, which additionally leads to the pressure decrease. In this thesis,
the thermo-fluid-dynamics characterization has been carried out only in the static case, i.e. without
considering the sloshing phenomenon, even if during an upper-stage tank mission sloshing can be
induced by various sources. The latter can be vibrations during the propulsive phases, as well as
different external perturbations (the engine shut-down, the separation phases, the reoriention before

reignition, etc.), which cause large deformations of the liquid-ullage interface. Hence, due to the
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aforementioned motivations, having neglected the sloshing influence on the thermo-fluid-dynamics
characterization is a limitation of this thesis, and this aspect should be explored in future work.
As just seen, the thermo-fluid-dynamics phenomena occurring in cryogenic tanks are numerous,
and all affect the propellant behavior. The objective of this thesis is to study these phenomena
in tanks characterized by different operating conditions. In particular, the self-pressurization and
the active-pressurization on ground, and the self-pressurization in reduced-gravity conditions are
taken into account. The main observables we focus on are: the pressurization rate, the temperature

stratification, in particular that in proximity of the free-surface, and the phase change rate.

1.5 Reduced gravity aspects

For the design of upper stage cryogenic storage tanks, it is necessary to study the thermo-fluid-
dynamics behavior of cryogenic propellant not only in normal gravity (e.g. gr = 9.81 m/s?), but
at different gravity levels, ¢g. Indeed, upper stage cryogenic tanks, during their operating life,
experience extreme gravity levels, varying from the high gravity, during the boost flight, to the low
gravity, during the ballistic and space flight.

Different microgravity testing platforms have been exploited over the years to carry out exper-
iments in order to study the two-phase fluid behavior at various gravity levels. Among these, the
NASA’s Space Shuttles and the ISS have allowed to reach all testing benefits, among which long
duration experiments, high quality microgravity (¢ < 10~%gg), and operator access to the experi-
mental package. However, this kind of microgravity experiments is very costly, and requires many
years of development.

In this section, different topics related to the reduced gravity environment are addressed: the
influence of the gravity level on the boiling behavior as well as on the dynamics of the free surface,

and the propellant expulsion under reduced-gravity conditions.
Influence of the gravity level on the boiling characteristics

The gravity level influences the boiling process, as pointed out in both numerical and experimental
studies on pool boiling. According to Fritz expression [27], the bubble diameter at departure varies

1/2 on an upward-facing horizontal surface, this expression is approximately consistent with the

as g
numerical results of [23]. Microgravity pool boiling experiments with n-Pentane, R-113, and water,
carried out in parabolic flight [77], and with R-113 and water, carried out in drop shaft [78], showed
the strong influence of the fluid surface tension and of the latent heat of vaporization on bubble
nucleation, growth and coalescence, and on heat transfer effectiveness. Microgravity pool boiling
experiments pointed out two fundamental aspects of pool boiling in space applications: the first is
the formation of an unusually large bubble that engulfs the entire heater surface, and the second
is the appreciable reduction in Critical Heat Flux (CHF) compared to terrestrial data. Fig. 1.4
[55] shows snapshots of bubble formation during pool boiling of R-113 in normal gravity (left) and
microgravity (right).

In normal gravity, many small bubbles form, which depart from the heater surface due to buoy-
ancy. Instead, in microgravity, a single large bubble forms, which remains attached to the heater

surface. The Capillary or Laplace length, defined as [, = 1/plg, determines the bubble’s size in
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Earth Gravity Microgravity

Figure 1.4: Snapshots of pool boiling of R-113 in normal gravity and microgravity (courtesy NASA), from
[55].

response to surface tension, o, and gravity, g, and it is very large in microgravity, explaining the
phenomenon visible in Fig. 1.4. Another important consideration is how the Capillary length com-
pares to heater size. In particular, experimental results from Microheater Array Boiling Experiment
(MABE), carried out onboard the ISS, showed that the boiling curve for high gravity is heater size
dependent [85].

Boiling happens whenever the system becomes superheated. Even if superheat is typically
associated to the application of a heat flow, it can also be induced by a decrease in the system
pressure. An example are the depressurization maneuvers which can be carried out for cryogenic
propellant in spacecraft tanks to transfer thermal energy from the liquid to the ullage [118]. The
behavior of a single nucleation site during a depressurization conducted under compensated gravity,
in the drop tower of the university of Bremen, was presented in [118]. The data gathered on the
growth of a single bubble of CHy under compensated gravity could be exploited for comparison
against numerical and analytical models, and hopefully for the development of a sub-scale modeling

of bubble behavior to be used in numerical simulations.
Influence of surface tension

Some researchers hypothesized that bubble nucleation and growth in microgravity are significantly
influenced by thermocapillary or Marangoni convection. The Marangoni effect is the fluid motion
along a liquid-vapor interface due to a gradient of the surface tension, this type of convection
is normally hidden by dominating buoyancy-driven convection in normal gravity. In the case of
temperature dependence, this phenomenon may be called thermocapillary convection.

The surface tension of a multicomponent liquid that is in equilibrium with the vapor is a function

of temperature and composition of the mixture [25], i.e.:
o=0(T,X1,X2,... XN-1) (1.1)

where X; is the molar fraction of the " component in the liquid phase, and N is the total number

of components in the liquid phase. The change of surface tension can be caused by either change
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in temperature or composition, i.e.:

oo N/ bo
do = <) dT + < > dX; (1.2)
) x, ; 0X; T, Xz

From thermodynamics, it is known that as the critical temperature for a given fluid is approached,

the properties of the liquid and vapor phases of the fluid become identical, and so ¢ becomes zero.
. <0.

For a pure substance, surface tension is a function of temperature only. The curve-fit equations

It ensues that the surface tension decreases with temperature, namely (g—%)

for surface tension are almost linear for the majority of fluids, and can have the form:
o = C() - ClT (13)

where Cy and C; are empirical constants that vary between substances. The unit of the temperature
in Eq. (1.3) is °C. As the surface tension varies with temperature, it will not be uniform if the
temperature, along the liquid-vapor interface, is not uniform. The flow driven by surface tension
moves away from the region of the interface with high temperature (or, equivalently, low surface
tension) towards the region of the interface with low temperature (or, equivalently, high surface
tension).

The most well-known example of surface-tension-driven flow is Bernard cellular flow, which
occurs in a thin horizontal liquid layer heated from below. A steady cellular flow driven by the

Marangoni effect is shown in Fig. 1.5. When a steady Marangoni flow is developed, the liquid
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Figure 1.5: Steady cellular flow driven by the Marangoni effect, from [25].

velocity is upward at point A and downward at point B. The temperature at point A is higher than
that at point B because the liquid at the surface point A arrives directly from the hot surface. As
a consequence, point A has a lower surface tension than point B, and the fluid is pulled from point
A to point B. This means that, although a temperature gradient exists in the vertical direction, the
actual driving force is the surface tension gradient in the horizontal direction.

The effect of thermocapillary convection on bubble behavior in pool boiling experiments in
microgravity was studied both with R-11 fluid in Spacelab mission IML-2 [107] and with R-113
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fluid onboard NASA’s Space Shuttle (STS-47, 57, 60, 72, 77) |75, 76]. Moreover, the contributions
of thermocapillary convection in microgravity were later thoroughly analyzed by Straub [108]. The
effect of Marangoni convection was mostly seen in subcooled boiling, and it produced jet streams
around the nucleating bubbles, which aided in the transfer of heat from the bubbles to the bulk
liquid. The strength of the thermocapillary jet, which was measured by Particle Image Velocimetry
(PIV), increased by increasing the heat flux. However, this behavior was highly influenced by
the degree of subcooling. In saturated conditions, a zero jet velocity was measured. Upon slightly
increasing the subcooling, the jet velocity increased rapidly to a maximum level, but decreased back
to zero at high subcooling. In subcooled boiling, it was proposed that bubble growth is driven by
a balance between evaporation at the bubble base and condensation at the bubble cap. Differences
between the rates of the two processes resulted in temperature gradients that induced vapor flow
within the bubble.

Finally, it is important to remark that the level of gravity influences the dynamics of the free-
surface, whose behavior can be predicted by looking at the value of the Bond number, Bo, which is

the ratio of buoyancy forces to surface tension force:

_ 9lp—po)L?
g

Bo (1.4)

where, p; is the liquid density, p, is the vapor density, L is a reference length, and g is the gravity
level. In normal gravity, the Bo is quite high, and the role of the surface tension is negligible,
whereas, in microgravity, the Bo is low, and the surface tension force prevails over the gravity force,
leading to motions of the free-surface along the tank walls.

There are recent valuable experiments in the literature that have further enhanced the knowledge
of these phenomena [29, 33]. For example, in [33], the reorientation of the liquid HFE-7500, during
three microgravity experiments, a drop test and two catapult tests, was analyzed. While, in [29],
results of free-surface deformations and heat transfer by thermocapillary convection, for a sounding
rocket experiment, were discussed. In this case, the system considered was a two species system, as
the ullage contained a mixture of vapor (HFE-7000) and non-condensable gaseous Ns.

Finally, the rising of the liquid along the tank walls has to be countered in the cases when in-orbit

engine start-up and operation is necessary, as it will be described in the following paragraph.

Propellant expulsion under zero-gravity or oscillatory g-loading conditions

Under zero-gravity or oscillatory g-loading conditions typical of many vehicle trajectories, the
propellant’s location in a tank becomes uncertain, and a means to prevent gas from being expelled
with the propellant is necessary. There are two possible approaches to do this, the first is "impulse
settling", the second is "propellant management" [40].

In case of "impulse settling", a small propulsive force directed axially, parallel to the vehicle
center line of thrust, is used to confine the propellant to the tank outlet, before starting the main-
engine operation. This approach is suited to the majority of space vehicles, because their low-thrust
reaction control units can also provide the thrust for propellant settling. This method offers the
advantage of eliminating the need for propellant management devices for the main propellant tanks,
but has the possible disadvantages of no control of vehicle center-of-gravity shifts and low thrust-

to-weight ratio under these conditions, which may increase response time beyond tolerable limits.
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The second method, i.e. "propellant management", consists in continuously confining the pro-
pellant to the vicinity of the tank outlet. This is done either by displacing the propellant with a
moving device (called non-capillary PMD or positive expulsion device), or by exploiting the surface
tension properties of the propellant with a, so called, capillary PMD, e.g. a porous plate or screen.

PMD performance depends on three principal characteristics: PMD system mass, demand mass

flow rate, and expulsion efficiency EFE, which is defined as [35]:

EE — ‘/residuals (1.5)
V;fank

where Vcsiduals indicates the volume of the residual propellant left in tank when the PMD breaks
down, and lets vapor enter the transfer line, and Vj,, is the tank internal volume. So, F E indicates
how much the tank is drained by means of the PMD before the PMD breaks down.

A positive-expulsion propellant tank is made of an outer structural shell and an inner movable
expulsion device, such as metallic diaphragms or bladders, elastomeric diaphragms or bladders,
bellows, and pistons. Pistons were characterized by leakage and low EFE, therefore the design of
better devices was necessary. The bladder is similar to a balloon, where there is a membrane housing
the propellant, with a narrow opening leading the propellant to the tank outlet, as shown in Fig.

1.6. The diaphragm is made of a flexible membrane which separates the pressurant gas from the
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Figure 1.6: Schematics of a spherical bladder lying within the tank shell, from [61].

liquid propellant. Fig. 1.7 shows the progression of an apex-initiated diaphragm during expulsion.
Bladders and diaphragms are useful in systems which require effective slosh control and suppression
of reactions between pressurant gas and propellant. However, because they span across all the tank,
their mass can be too large to make them eligible for large scale applications. Moreover, elastomeric

material is not appropriate for long duration missions [21].
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Figure 1.7: Progression of an apex-initiated diaphragm during expulsion, from [40].

New missions tend to use surface tension PMDs, which can be lighter and more reliable than
positive expulsion devices [35]. Surface tension propellant management devices are passive systems,
whose role is to increase the effective surface tension forces enough to hold the liquid at the desired
position against adverse accelerations [24]. They can be divided into three types: partial commu-
nication (sometimes called "partial control"), total control, and total communication systems [24].
Another possible classification is based on the range of acceleration level, or effective acceleration,
for which they manage to control the position of the liquid.

Partial communication PMDs maintain only a part of the liquid over the outlet, and leave the
remaining liquid free. They are employed when significant spacecraft maneuvering or numerous
small engine firings are required. In the case when thrusting is sufficient to settle the liquid, they
are refilled during settling operations, and their size is such to contain the gas-free propellant needed
to start the engines each time. If the thrust level is not always sufficient to settle the liquid, the
PMDs must be large enough to contain all the propellant needed for the situations when settled
liquid is not available. In this case, they do not need to be refillable. Both kinds are typically
characterized by walls made of fine-mesh screens or similar "porous" materials. Capillary forces in
the pores avoid the entrance of the ullage gas in the PMD during disturbances.

Total control PMDs retain all the liquid over the outlet. They are mainly used in the spacecrafts
where the sloshing control is prominent.

Total communication PMDs are designed to create a flow path from the bulk liquid to the tank
outlet at all instants. Since the liquid tends to remain attached to a wall, common types of total
communication PMD are formed by a liner and a series of galleries, both made of fine-mesh screens,
and positioned near the wall. A schematic of this device is shown in Fig. 1.8. The galleries are
all joined to a manifold at the tank outlet. Tank pressurization will lead the bulk liquid into the
gallery and then along the gallery into the manifold, as long as at least one of the galleries remains
in contact with the bulk liquid. Capillary forces prevent the penetration of gas into the adjacent
exposed channels. Due to their large size, total communication PMDs are stable in case of moderate
accelerations but will allow gas access in case of large accelerations. There is also another type of
total communication PMD, it composed of a set of central vanes connected to a standpipe. The
vaned PMD used in the Viking spacecraft is shown in Fig. 1.9. If any vane comes in touch with the

liquid, liquid is drawn to the standpipe. The liquid position is relatively unstable in this kind of
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Figure 1.8: Schematic of a gallery-type PMD, from [24].
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Figure 1.9: Vaned PMD used in the Viking spacecraft, from [24].

device because the interfaces are large. Therefore, this device can be selected when the disturbing
accelerations are small, as in the case of deep space probes. It can also be used when the thrust
level is high enough to keep the liquid settled, but, after the thrust ends, it takes a certain time to
the PMD to reacquire the liquid before any subsequent small thrust operation can happen.
Finally, although scientific knowledge on surface tension PMDs has grown since 1960s, and the
design and development of PMDs for storable propellants are mature, the fundamental research to
include data collection for cryogenic and green propellants should be expanded [111]. Indeed, when
cryogenic liquid is supplied to the outlet of the tank, low gravity fluid acquisition is more complex
with respect to storable liquid due to the low surface tension and high susceptibility to heat leak

associated with cryogenic propellants [35].
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Three crucial factors are taken into account when choosing a propellant management strategy:
the impulse on the vehicle generated by propellant movement, variation in the propellant center of
gravity, and available tank envelope. If the impulse created by propellant sloshing within a tank
with a surface tension device cannot be sufficiently controlled by reasonable sized baflles, positive
expulsion may be the only option. If the center-of-gravity shift caused by propellant movement
during vehicle maneuvers with a surface tension device results in excessive attitude control system
needs, positive expulsion can also be necessary. Finally, if the required propellant amount cannot

be packaged into cylindrical tanks in the available envelopes, bellows and pistons are not suitable.

1.6 Thesis outline

In this thesis, two approaches for the thermo-fluid-dynamics characterization of the behavior of
cryogenic propellant in tanks are proposed.

The first approach, presented in Chap. 2, is an engineering tool for rapid analyses, i.e. a 0D
model, which has been implemented in Matlab, and verified through the comparison with the results
of a 1D model, developed by NASA. This tool has been also used to simulate two test cases: a liquid
Ny self-pressurization one, in Chap. 4, and a liquid Ny active-pressurization one, in Chap. 5.

The second proposed approach involves the use of CFD, which, differently from reduced order
models, allows to make a more detailed analysis, and to study most of the physical phenomena
at play. In particular, in Chap. 3, the numerical setup selected to perform the analyses presented
in the following chapters is shown. Then, in Chap. 4, the results of a test case characterized by
liquid Ny self-pressurization in a small-scale tank are presented. Later, the active-pressurization
phenomenon is investigated in Chap. 5, in particular a liquid Ny tank, pressurized with gaseous Na,
injected by a radial diffuser, is taken into account. For each test case, the effect of using various
numerical models and parameters is studied, and the most appropriate ones are selected, namely
those giving the best agreement between CFD and experimental results.

Once the setup for the thermo-fluid-dynamics characterization in normal gravity is defined and
validated, in the last chapter (Chap. 6) the attention is focused on the reduced gravity environment.
In particular, the results of a test case, characterized by liquid Hy self-pressurization in low Earth
orbit, are presented. Finally, a parametric study is carried out, where the gravity level is varied
from normal gravity to a level of gravity three orders of magnitude lower, in order to see the effect
of the gravity level on various thermo-fluid-dynamics observables, among which the pressurization

rate, the phase change mass flow rate, and the liquid-ullage interface shape.
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Chapter 2

0D model

The objective of this chapter is to analyze the cryogenic tank system, in different operating con-
ditions, by means of a zero-dimensional transient model. This model has been implemented using
the software Matlab®, and has been verified through comparison with the results obtained with a
one-dimensional code developed by NASA [19, 20].

Numerous theoretical and computational models of varying levels of sophistication were de-
veloped over the years to both interpret and predict the tank pressurization behavior. The first
analytical tool developed for this goal was the homogeneous thermodynamic model [5, 9, 81, 82].
Typically, in this model, an energy balance is performed over the entire liquid-vapor system, and the
temperatures of both the liquid and the vapor phase are set equal to the saturation temperature.
Naturally, the simplifying assumptions made led to a poor agreement between the thermodynamic
predictions and the experimental results.

In order to address these shortcomings, a number of investigators developed models which
include energy and mass transport. These models can be classified as zonal methods, where the
liquid-vapor system is divided into zones of uniform temperature, and engineering correlations are
used to model the energy and mass transport among these zones. The number of zones is completely
arbitrary. For example, a zonal model in which the liquid-vapor system is divided into three control
volumes (liquid, ullage, and interface) was developed in [9]. These zones were coupled to a 2D
axisymmetric finite element conduction model of the tank wall. The predictive capability of the
model was assessed by comparing the model’s predictions with experimental results presented in a
companion paper [8]. The results of zonal models are unfortunately not consistent, and can vary
depending on the correlations used to model the heat and mass transport between the different
zones.

Both the homogeneous and zonal thermodynamic models describe the tank in a lumped approach
and are, therefore, unable to capture the thermal stratification which develops inside the two phases
as a result of fluid convection and the thermal boundary layer at the tank wall. To overcome
the limitations of the previous models a one-dimensional dynamic model describing temperature
stratification effects driven by natural convection was developed in [20]. Another approach was
used by Panzarella and Kassemi, who coupled a lumped thermodynamic model of the vapor region
to the full set of conservation equations inside the liquid region [81-83]. This model allowed to
visualize liquid thermal stratification and flow field and the effects caused by the variation of the

heat flux application point.
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2.1. Description of the model

The model that we have implemented belongs to the class of the zonal models, and it has been
developed in order to have an engineering tool for preliminary and rapid estimation of the main
quantities of interest for the thermo-fluid-dynamics characterization of the behavior of cryogenic
propellant in tanks (pressurization rate, evaporated mass, etc.). For this reason, this model will
also be used, in Chaps. 4 and 5, to make a comparison with the results obtained with our CFD

model.

2.1 Description of the model

A cylindrical tank of volume, V', radius, R, height, H, and liquid height, H;, is considered in the case
when the gravity /inertia force is parallel to its axis. It is partially filled with a liquid propellant,
and its ullage can be filled either with a mixture of the propellant in the vapor phase and of a
pressurant gas, or only with the propellant in the vapor phase. The 0D model schematizes the tank
as a volume consisting of 5 Control Volumes (CVs): one for the liquid phase, one for the ullage
(which can also be multi-component), one for the film, one for the wall in contact with the ullage,
and one for the wall in contact with the liquid phase. Control volumes are schematized in Fig. 2.1
(a).

Film refers to the saturated vapor layer that separates the liquid and vapor control volumes,
and it is assumed to be in quasi-equilibrium conditions (although the conditions in the tank are of

non-equilibrium), and having negligible mass.
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Figure 2.1: 0D model schematics of: (a) control volumes and mass transfers (b) heat transfers for the fluid
control volumes (c) heat transfers for the wall control volumes.

The system is described by 12 state variables:
e 3 masses (liquid mass, m;, vapor mass, m,, and gas mass, my);

e 5 temperatures (liquid temperature, 7}, ullage temperature, Ty, film temperature, T}, tem-
perature of the wall adjacent to the liquid, T;,;, and temperature of the wall adjacent to the

vapor, Tyy);
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2.2. Conservation equations for the fluid control volumes

e 2 partial pressures (the vapor partial pressure, p,, and the gas partial pressure, p,, whose sum

is expressed as p);
e the ullage volume, Vy;
e the interface phase change mass flow rate, Jj,.
The conservation equations are 8:
e 3 mass conservation equations (for the liquid, vapor, and gas, respectively);

e 5 energy conservation equations (for the liquid, ullage, film, wall adjacent to the ullage, and

wall adjacent to the liquid, respectively).
In order to close the system, 4 Equation of States (EoSs) have been used:

e the ideal gas EoS for the vapor;
e the ideal gas EoS for the gas;
e the equation of saturation vapor pressure for the film;

e the incompressible EoS for the liquid.

2.2 Conservation equations for the fluid control volumes

The mass conservation equations for the liquid, vapor and gas phases are:

m; = le — Jle (2.1)
mv = _le + Jve (22)
Ty = Jye (2.3)

where Jie, Jye and Jge are mass flow rates of liquid, vapor and gas, respectively. Their sign is
positive or negative depending on whether the fluids enter (liquid filling, active pressurization) or
leave (liquid draining, ullage venting) the respective control volumes. Jj, is an interfacial mass flow
rate due to phase change. The mass transfers are schematized in Fig. 2.1 (a).

The energy conservation equations for the ullage and for the liquid are:

d . . . 2 v,
dt (mvev + mgeg) = Qve - Qv + W — lehvs + Jue <hve + 1121“2) + Jge (hge + ;) (24)

d . . . 1)2
%(mlez) =Qre + Q1+ W + Jiphys — Je <hz + ;) (2.5)

where Qu. and Q. are the heat transfer rates of the vapor and liquid control volumes with the
adjacent walls. Ql and Qv are heat transfer rates between the interface and the adjacent phases,

liquid and ullage, respectively. W is the power associated to the change in volume of the liquid or
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2.2. Conservation equations for the fluid control volumes

ullage CV. hys and hys are the enthalpies of saturated vapor and of saturated liquid, respectively.
hwe, hge are the enthalpies of the vapor and of the gas, respectively, entering or leaving the ullage
CV. While, vy, vg4e are their velocities. h; is the enthalpy of the liquid entering or leaving the liquid
CV. While, v, is its velocity. The heat transfers for the fluid control volumes are schematized in
Fig. 2.1 (b).

A few passages can be made on the left-hand side of Eq. (2.4) to make the derivatives of the

state variables explicit:

dmy, dey, dm de
%(mvev + mgey) = v + My + egd—t‘q + mgd—; (2.6)
Using the definition of partial derivative:
dey, [ Dey @ n Oey, % @27)
dt — \0T, /), dt Vo), dt '
% - % @ 4 669 % (2 8)
dt — \0T. /). dt V) g, dt ’
and remembering that:
Oe,
(8T > =Cyo (2.9)
u/ v,
Oey, >
=0 (2.10)
(av:),.
Oe
<8Ti>v = Cyyg (2.11)
Jegy >
=0 (2.12)
(a12),.
one gets:
dm, dmyg T,
@(mfuev + mgeg) = v + Cgr + (MyCyp + MgCy g) 5 (2.13)

A few passages can be made on the left-hand side of Eq. (2.5) to make the derivatives of the

state variables explicit:
d de; dmy

@(mlel) =mas + “ar (2.14)
Using the definition of partial derivative:
dep _ (Qer dIi  (Oer dp (2.15)
dt on ), dt op ), dt
and remembering that:
Bel
e B 2.16
< o7 )p ¢ (2.16)

(), o o
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2.3. Heat transfer rates

one gets:

d dmy di;

dt(mzez)_el UL e (2.18)

The term W, as already said, is the power associated to the change in volume of the liquid or
of the ullage CV (the volume of the the CV is indicated as Vo ):

av,

' dv. —p—— for ullage C'V
W= —p oV _ dt (2.19)
dt - 7d(V — V) = aVy for liquid CV
P=a TP e
So, Eq. (2.4) can be rewritten, using Egs. (2.13) and (2.19), in its final form:
eidmij dmg—l—(mc + mye )@—i- avy
vTar VTR TRl gt dt
. 02 )2 (2.20)
Qve - Qv + W — lehvs + Jve (hve + 92 > + Jge (hge + ;)
Finally, Eq. (2.5) can be rewritten, using Eqs. (2.18) and (2.19), in its final form:
dmy dT; dV ”12
e W J'uh s Je h —£ 221
Qg t e = ps = Qe+ Qu + W + il l<l‘|’2> (2.21)
The heat balance in the film control volume is:
. . d
Qv — Q1+ Jiwhiy = —(mfef) =0 (2.22)

dt

where the right-hand side term is null because of the assumption of negligible mass for the film
CV. In Eq. (2.22), hy, indicates the latent heat of evaporation. The interfacial phase change mass
flow rate, J,, as shown in Fig. 2.1 (a), is considered positive in case of condensation and negative

in case of evaporation, and it is computed, from Eq. (2.22), as

Ql Qv

T

(2.23)

2.3 Heat transfer rates

The total heat transfer rate of the vapor CV with the adjacent wall, Que, is the sum of two heat

transfer rates due to convection, one with the top wall, Qtop, and the other with the lateral wall,
Qlatﬂ):
Que = Qtop + Qlat,v (224)

where Qtop is defined as:

Qtop = 7TR2’Ytop,v(va - Tu) (225)

with the heat transfer coefficient from a horizontal surface 7¢p,, expressed as |20, 41]:

Amis | 0-54Raily, 10* < Rayop, < 107
Ytop,v = R 1/3 7 1 (226)
0.15Ray,,, 10" < Ratopn < 10
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2.3. Heat transfer rates

Here, Az is the thermal conductivity of the mixture made by the vapor and the gas. In

addition, the Rayleigh number Rayop v, is defined as:
Ratop,v = Grtop,vprmim (227)

where Pry,;, is the Prandtl number of the mixture made by the vapor and the gas. Moreover,

the Grashof number G7yp ,, is defined as:

o (T — T R
Grtop"u — gﬁmzx( U;’U u) (228)
Viniz

where, the coefficient of volumetric expansion, 8., has been expressed as that of an ideal gas

(for which p = p/(RT)), being the ullage a mixture of ideal gases:

1 8pmir ) 1 p 1
o - = 2.29
/Bmm Pmix < 8Tu p Pmix RTUQ Ty ( )

Instead, vy, is the kinematic viscosity of the mixture made by the vapor and the gas. The heat

transfer rate with the lateral wall, Qlat’v is expressed as:
Qlat,v = 27rRHvﬁlat,v(va - Tu) (230)

where H, is the height of the ullage, defined as H, = H — H;, and 7, ,, is the average of the

local convection heat transfer coefficients for a vertical surface, and is defined as |20, 41]:

B Amiz [0-68 4 0.67(Raz,)/* 10° < Ray, < 10° (2.31)
fy at,v = °
fatv T H, 0.15(Rag,¥)* 10° < Rag, < 101!
where Rap, = Gry, Prmiz. Moreover, Gry, is defined as:
miz va - Tu H3
Gryy, = 90miz L JH, (2.32)

Viiz

_ /9
0.492 \ ¥/16\
b = <1 + <Prmm> (2.33)

The total heat transfer rate of the liquid CV with the adjacent wall, Qle, is the sum of the heat

transfer rate with the bottom wall, Qbott, and of the heat transfer rate with the lateral wall, Qlat’l:

and:

Qre = Quott + Qat.l (2.34)

where Qbott is defined as:
Qbott = 7TRQ’Ybott,l(Twl - Tl) (2-35)

with the heat transfer coefficient from a horizontal surface Yy, expressed as in Eq. (2.26), but
using, instead of A and Raiep,w, the liquid thermal conductivity, );, and the Rayleigh number,
Rayeyty, defined as Rapore; = Grpore Pri. Where, Pry is the liquid Prandtl number, and Gryg is
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2.3. Heat transfer rates

expressed as:
9B(Tw — T) R
v

Grott = (2.36)

where, (; is the coefficient of volumetric expansion of the liquid, and v; is the kinematic viscosity

of the liquid. The heat transfer rate with the lateral wall, Qlat’l is expressed as:
Qlats = 2 RH Y401 (Twr — T1) (2.37)

where %, is defined as in Eq. (2.31), but using, instead of Az, Hy, and Rag,, the liquid
thermal conductivity, A;, and the Rayleigh number, Rap,, defined as Ray, = Gry, Pr;. Where Gry,
is expressed as in Eq. (2.36), but using H; instead of R as reference length, and 1 is defined as in
Eq. (2.33) but using Pr; instead of Pry,,.

The heat transfer rates between the interface and the adjacent phases, Ql and Qv, are computed

as the maximum between the heat transfer rate due to conduction and the one due to convection:

O) = +maz ( yeond Q,CO"U) (2.38)

Qu = maz (Qg, Q) (2.39)

The positive sign in Eq. (2.38) is used when the film temperature is higher than the liquid
temperature, and the negative sign is used in the opposite case. This convention leads to a positive
heat transfer rate when it is from the film CV to the liquid CV, as shown in Fig. 2.1 (b). Instead, the
positive sign in Eq. (2.39) is used when the vapor temperature is higher than the film temperature,
and the negative sign is used in the opposite case. This convention leads to a positive heat transfer
rate when it is from the vapor CV to the film CV, as shown in Fig. 2.1 (b). The heat transfer rates

due due convection, Q7" and Q;°"", are computed as:

Q" = mRy1)(Ty — Ty) H(Ti — Ty) (2.40)

ngm; — WRQVf,v(Tf _ TU)H(Tf _ Tv) (241)
where 7, and ~s, are computed from:

| 054Ral' 101 < Ragy < 107

V=% ’ (2.42)
R 0.15Ra;® 107 < Ragy < 101

gB(T) — Ty)R?

Rayy = GryPri = =———5—="——Pn (2.43)
l
A | 0.54Ra¥)} 10" < Ray, <107
TR ) 0.15Ra? 107 < 1 (2:44)
15Ra/} 10" < Ray, < 10
o (Ty — Ty) R3

Rayf, = GryoPropiz = gﬂmm(yg ) Promiz (2.45)

mizx
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2.4. Stratified model at the interface

The Heaviside function, H, in Egs. (2.40) and (2.41), takes into account the proper temperature
condition required for natural convection to happen. Namely, natural convection can verify when,
in a control volume, the lowermost fluid layers have a higher temperature than the uppermost ones.
In the case when this condition is not verified, the Heaviside function cancels the convection term.
The heat transfer rate between the interface and the adjacent phases due to conduction is computed
through the Fourier’s law. For this purpose, an interfacial temperature distribution has been derived
through a finite difference discretization of the thermal diffusion equation, as it will be described in
Sec. 2.4.

2.4 Stratified model at the interface

The heat transfer rate between the interface and the adjacent phases due to conduction is computed

using the Fourier’s law for the conductive heat flux, g®"¢:

g« = - \VT (2.46)

where A is the material conductivity. In order to use this expression, it is necessary to know
the liquid and ullage temperature in close proximity of the interface. Even if the interface is
assumed massless, ans so with null thickness, an interfacial temperature distribution has been
derived assuming the interface as 1D stratified, i.e. made by a certain number of layers, n;, in the
liquid CV, and a certain number of layers, n,, in the vapor CV. Each interface layer belonging to
the liquid CV has a fixed thickness, Ax;, while, each interface layer belonging to the ullage CV has
a fixed thickness, Ax,. The interfacial temperature distribution has been, then, derived through

the thermal diffusion equation:

or 9T
— =a=— 2.47
ot~ ‘a2 (247)
where « is the thermal diffusivity. This equation has been discretized using a finite difference
scheme: oT (i)
i !
~—[TGE+1)+TGE—1)—2T0 2.4
o~ s [T+ 1)+ T(i — 1) = 2T(0) (2.49)

In particular, the following differential equations have been integrated to compute the temper-

atures in the n; — 1 nodes close to the interface, and belonging to the liquid CV, T} ;:

an,l(i) o . . .

ot Agz T+ D+ Tyl =1) = 275 (0) (2.49)
(1)  «

o~ Az Tr@ Ty = 2T (1)) (2.50)

an,l(nl -1) o (T; + Tf,l(nl —-2)— 2Tf,l(nl —1)] (2.51)

ot - Ax%
where ;. is the thermal diffusivity of the mixture made by the vapor and the gas. While, the

following differential equations have been used to compute the temperatures in the n, — 1 nodes
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2.5. Internal energy and enthalpy

close to the interface, and belonging to the ullage CV, T ,:

8Tf7v (’L) ~ Qg

ot~ Agz Lol 1)+ Troli = 1) = 277, (0] (2.52)
anﬂ)(l) Amig
ot~ Agz L@+ Ty = 2T (1)) (2.53)
T, v—1 mix
OTy(n ) ~ 8 [Ty + Tfp(ny —2) — 2Tf 4 (ny — 1)] (2.54)

ot Az2

v
With this procedure, the 0D model has been coupled with a stratified model at the interface.
So, once the temperatures of the vapor and liquid interface layers closest to the film CV are
found, they are use to compute the heat transfer rates between the interface and the adjacent phases

due to conduction, through the Fourier’s law:

. T (1) =T
cond _ _\ pR2-LO- OF A A)x ! (2.55)
Tpo(1) — Ty

Qe = )\ R (2.56)

Az

2.5 Internal energy and enthalpy

In this section, the thermodynamic relations used to compute the specific internal energy and the

specific enthalpy for the liquid, the vapor, and the gas are given.

2.5.1 Ideal gas

Considering the specific internal energy of a perfect gas as a function of specific volume and tem-

perature, and differentiating it [92]:

e=c¢e(T,v)

Oe Oe (2.57)
o= (ar) o (5),

and, remembering that, for a perfect gas (p = pRT):

92 ¢, = const
a7 v—cv—cons

2.58
< 8e> (2.58)
) =0
ov )
the expression of the specific internal energy for the vapor and for the gas is obtained:
_ .0 0
e=e +c(T—-T) (2.59)

where ¢, is the specific heat capacity at constant volume. In this work, a reference temperature

of T° = 0 K has been considered, to which corresponds ¢ = 0 J /kg.
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2.5. Internal energy and enthalpy

Considering the specific enthalpy of a perfect gas as a function of temperature and pressure,
and differentiating it [92]:

h =h(T,p)
oh oh (2.60)
e () o+ (3).

and remembering that, for a perfect gas:

<8h> .
=G
ar ),

2.61
— ] =0
op )
the expression of the specific enthalpy for the vapor and for the gas is obtained:
h=h"+c)(T -T°) (2.62)

where ¢, is the specific heat capacity at constant pressure. In this work, a reference pressure of

p = 0 Pa has been considered, to which corresponds h° = 0 J /kg.

2.5.2 Incompressible liquid

The liquid is treated as incompressible (p; = const). Considering its specific internal energy as a

function of temperature and pressure, and differentiating it:

e =e(T,p)
Oe Oe (2.63)
() (),

and remembering that, for an incompressible liquid:

% = ¢ = const
an_ N

2.64
- — O
op)
the expression of the specific internal energy for the liquid is obtained:
_ .0 0
e=e +c(T—-T1) (2.65)

where ¢ is the specific heat capacity of the liquid. Considering the specific enthalpy of an

incompressible liquid as a function of temperature and pressure, and differentiating it [92]:

h=h(T,p)
Oh Oh (2.66)
= _— T _—
= (5r), 7+ (5),
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2.6. Mixture properties for ullage gas

and remembering that, for an incompressible liquid:

Y == const
a7 p—c—cons

2.67
(5), 7 -
ov)r P
the expression of the specific enthalpy for the liquid is obtained:
p—1°
h=h+¢(T —T° + —— (2.68)

)
2.6 Mixture properties for ullage gas

The ullage is considered a homogeneous mixture of pressurant gas and evaporated propellant. Mix-
ture properties, i.e. specific heat at constant pressure, cjmiz, thermal conductivity, A,i., and
kinematic viscosity, Vmiz, can be obtained using formulas suggested by various sources in the liter-
ature [18, 87|

Cpmiz = CpgYg + Cpu Yo (2.69)

Amiz = AgXg + Ao X, (2.70)

L v Xe /My + XMy )
mixr .
Xy/M, + X,/ M,

In the previous relations, subscripts "g" and "v" are used for pressurant gas and vapor, respec-

tively. Moreover, M; is the molar mass of the i element, Y; is its mass fraction, and X; is its molar

fraction: .
Y; = S (2.72)
Xi= Zﬂ?g}’} (2.73)
2.7 Equations of state
The ideal gas law is:
pV =nR,T =mRT (2.74)

where p, V', T, and m are the pressure, volume, temperature, and mass respectively, n is the
number of moles of the gas, R, is the ideal gas constant, and R is the specific gas constant,
R = R,/M;. Making the derivative of Eq. (2.74), and writing it in a useful form, where the

derivatives of the state variables are made explicit:

d d
- (0V) = — (mRT) (2.75)
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dv dp dTl dm

Eq. (2.76) can be written for the vapor as:

qu dpv dTu dm'U
wv—— + Vi —Rymy— — R,T,—— =0 2.77
Pocge TV BT dt 2.77)
and for the gas as:
dv, dp dT, dm
YLy, S R v _RT,—2 =0 2.78
Pogqp T Verqy ~ Mgy T ety (2.78)

The liquid EoS is derived by using the assumption of incompressibility (p; = const), and making

the derivative of the expression of the liquid mass:

p1 = const = %l (2.79)
dmy d dV, dVy
e A Ry i o (2.80)

dml my qu
‘ — = 2.81
dt +V—Vu dt 0 (281)

Finally, the equation of saturation vapor pressure for the film is added to complete the set

of governing equations. In particular, when the propellant is Hs, the following equation is used

[17, 20, 80]:
f n
e (L 2.82
Po =" (12> (2.82)

where p. and T, are the critical pressure and temperature for Hy (p. = 1.315 MPa and T, = 33.2
K) and n = 5. Eq. (2.82) is used to compute the film temperature, once the vapor partial pressure is
calculated by integrating the Ordinary Differential Equations (ODEs) system that will be presented
in Sec. 2.8.

2.8 Governing equations: Matrix format

ODEs (2.1), (2.2), (2.3), (2.20), (2.21), (2.77), (2.78), and (2.81) can be rewritten in a matrix
format:

A[8,8]- X [8] = B[8] (2.83)

where A is the "mass" matrix, X is the unknown vector, which is made by the derivatives of

30



2.9. Conservation equations for the wall control volumes

the state variables, and B is the vector with the constant terms:

0 0 0 0 0 O 0
1 0 0 0 0 0 0
0 0 1 0 0 0 O 0
0 0 0 0 O —
4o | e P (2.84)
0 €y €g 0 MyCyp + MgCyg 0 0 P
0 —R,T, 0 0 —R,m,, Vo O Do
0 0 -R, T, 0 —Rymy 0 Vu pg
1 0 0 0 0 0 O VT%/u
" oy ]
dt
dmy
dt
dmg
dt
dT,
X = ddTit (2.85)
dt
dpy
dt
dpg
dt
aVy
dt
le - Jle
_le + Jve
Jge
. . 2
Qe + Q1 + Jiwhis — Jie (hl + %)
B — . . U2 ’U2 (286)
Qve - Qv - lehvs + Jve (hve + 56) + Jge (hge + %)
0
0
- 0 -
The unknown vector is found from Eq. (2.83):
X=A"'B (2.87)

The matrix format just derived is very useful because it can be easily integrated in order to

find 8 of the state variables. In this work,

ODEs system.

ODE45 Matlab® algorithm has been used to solve the 8

2.9 Conservation equations for the wall control volumes

The energy conservation equations for the wall in contact with the liquid CV and for the wall in

contact with the ullage CV are:

d
dt

Cw*(mwlTwl) - {

le - Qle + CwmwlTwl mwl <0

ul € ‘ ' (2.88)
Qui — Qe + cwnyiTwy 1w >0
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d dwv — Que + Cwtituwy Tt M < 0
wa(meva) _ { Qwv Qve w ‘ wov L wl . wl (289)
dt Qwv - Qve + cwmMuwyTwy My 2> 0

where, M., and m,, are the mass of the wall adjacent to the vapor CV and liquid CV, respec-
tively. Qwv and le are the heat transfer rates entering the wall in contact with the ullage and the
wall in contact with the liquid, from the outside. While, the last terms in the right-hand sides of
Eqgs. (2.88) - (2.89) represent the flow of internal energy along the tank walls due to motion of the
liquid level (note that 771, = - 7y,). The direct heat exchange, due to conduction, between the
two parts of the wall has been ignored. The heat transfers for the wall CVs are schematized in Fig.
2.1 (c).

2.10 Results

In this section, at first the 0D model is verified through the comparison, for two operating conditions,
with the results obtained with a 1D model developed by NASA. Secondly, a parametric study

necessary to find proper values for the parameters of the stratified interface model is presented.

2.10.1 Verification with NASA 1D code results

The previously described model has been verified with the results of a 1D model developed and
implemented by NASA [20]. The related code is open source [19]. Two operating conditions have
been simulated, the first is the storage regime, and the second is the blowdown regime. The geometry
and the initial conditions are the same for the two cases, and the physical time simulated is 5000 s

in each case.

NASA 1D model

The 1D model developed by NASA [20] has the same control volumes of the 0D model just presented,
but the liquid and ullage CVs are divided into multiple horizontal control volumes. Moreover, each of
the latter is subdivided in two sub volumes: a torus-shaped element of the boundary layer, adjacent
to the lateral wall of the tank, and exchanging heat with it, and a cylinder-shaped bulk element,
which is coaxial with the tank vertical axis. A schematics of this stratified model is presented in
Fig. 2.2. This model, differently from the 0D model, allows to describe the temperature stratification

effects driven by natural convection.

Test case description

The considered tank is a liquid Hs tank. The parameters of the cylindrical tank have been taken
similar to those of the Space Shuttle external tank [100], i.e. radius, height, and wall thickness of
R =421 m, H = 29.56 m, and t,= 0.1 m, respectively. The wall material is aluminum, whose
specific heat and density have been considered constant and equal to ¢, = 500 J/(kg K) and
pw = 2700 kg/m3, respectively. The tank is initially filled at 50% of its volume with liquid Ha.
The ullage is initially filled with a mixture of gaseous Hy and gaseous He, whose partial pressures
are py(0) = pg(0) = 1 atm. The liquid volume is made only by liquid Ha, because of the non-
condensable He gas assumption (indeed the He gas saturation temperature at p,(0) is 4.2238 K).

32



2.10. Results
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Figure 2.2: Schematics of the 1D NASA model, from [20].

Table 2.1: Liquid, vapor, and gas parameters.

Component Parameters values

Liquid Hy pr = T1.1 [kg/m3], ¢ = 9450 [J/(kg K)], A\ = 0.0984 [W/(m K)],
= 13-107° [Pas|, B =0.02[1/K]
Gaseous Hy M, = 2.01588 - 1073 kg/mol, , ¢,, = 14320 [J/(kg K)], ¢y = 10160 [J/(kg K)],
Ay = 0.0166 [W/(m K)|, p, =3.4-107° [Pa 3|
Gaseous He M, = 4.002602 - 1073 kg/mol, , ¢, , = 5193 [J/(kg K)|, cvy = 3121 [J/(kg K)],
Ag = 0.0262 [W/(m K)], pg = 3.5821 - 1076 [Pa 5|

The initial temperatures of the liquid and of the ullage are T;(0) = 7,,(0) = 20 K, and the initial
temperature of the wall is T;,(0) = 21 K. Moreover, the tank absorbs heat from the environment,
and the heat transfer rate is different under the two operating conditions considered. The liquid,

vapor, and gas parameters have been modeled as constant, and are summarized in Tab. 2.1.

Storage regime

The first operating condition considered is the storage regime. During it, the tank is closed, thus
no mass is removed or added to it, and the tank absorbs heat at a rate of 10 kW, which, for the
chosen tank, roughly equates the radiation heat flux from the Sun. The tank is in normal gravity
(9r = 9.81 m/s?). The absorbed heat causes tank self-pressurization, as it is apparent in Fig. 2.3,
showing the evolutions of the vapor (top) and the gas (bottom) partial pressures, obtained both
with the 0D model and with the 1D model developed by NASA. Fig. 2.4 shows the temperature
evolutions obtained with the 0D model in the the liquid CV (top) and in the ullage CV (bottom).
In the same figure, the average of the bulk temperatures in the ullage and liquid CVs obtained
with the 1D NASA model are also shown for comparison. The qualitative behavior described by
the two models is the the same both for the pressure and for the temperature evolutions, and
there is also a reasonably good quantitative agreement between the two models. On the contrary,

greater discrepancies between the estimations made with the two models are obtained for the liquid
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Figure 2.3: Storage regime: evolutions of the vapor (top) and the gas (bottom) partial pressures, obtained
with the 0D and with the 1D NASA models.
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Figure 2.4: Storage regime: temperature evolutions obtained with the 0D and with the 1D NASA model
in the the liquid CV (top) and in the ullage CV (bottom). The 1D results are the average of the bulk
temperatures in the respective control volumes.

and vapor mass evolutions, which are shown in Fig. 2.5. Even if the 0D model predicts a higher

evaporated mass than the 1D model after approximately 1500 s, the vapor pressure estimated
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Figure 2.5: Storage regime: evolutions of the liquid mass (top) and of the vapor mass (bottom) obtained
with the 0D and with the 1D NASA models.

with the 1D model is higher, this suggests that the pressure increase is mainly due to the ullage
temperature increase than to the evaporation. This is confirmed by the average of the 1D bulk

temperature in the ullage, which is higher than the 0D estimation.

Blowdown regime

The second operating condition considered is the blowdown regime. During it, liquid Hs is removed
from the tank bottom, with a constant mass flow rate, Jj. = 10 kg/s, and the tank absorbs heat
at a rate of 20 kW. Moreover, the tank is in normal gravity. Fig. 2.6 shows the evolutions of
the vapor (top) and the gas (bottom) partial pressures, obtained both with the 0D model and
with the 1D model developed by NASA. Both the qualitative and quantitative agreement between
the pressure evolutions obtained with the two models is very good. Both vapor and gas partial
pressures show a rapidly decreasing behavior because of the increase in ullage volume, due to the
propellant draining. Fig. 2.7 shows the temperature evolutions obtained with the 0D model in
the the liquid CV (top) and in the ullage CV (bottom). On the same figure, the average of the
bulk temperatures in the ullage and liquid CVs obtained with the 1D NASA model are also shown
for comparison. Even if the temperature evolutions obtained with the 0D model are qualitatively
similar to the ones obtained with the 1D model, there are some quantitative discrepancies, with a
maximum temperature difference of approximately 0.5 K in the ullage temperature estimates, at
about 2000 s. But, in this case, a better quantitative agreement between the estimations made
with the two models are obtained for the liquid and vapor mass evolutions, which are shown in
Fig. 2.8. Both models predict a decrease of the liquid mass due to both the propellant draining and

to evaporation. Instead, the vapor mass increases due to evaporation, and the 0D model predicts a
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Figure 2.6: Blowdown regime: evolutions of the vapor (top) and the gas (bottom) partial pressures,

obtained with the 0D and with the 1D NASA models.
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Figure 2.7: Blowdown regime: temperature evolutions obtained with the 0D and with the 1D NASA
model in the the liquid CV (top) and in the ullage CV (bottom). The 1D results are the average of the bulk

temperatures in the respective control volumes.

higher evaporation rate than the 1D model after about 1800 s.

Finally, a comparison between the results of the two models shows that the 0D model is able to
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Figure 2.8: Blowdown regime: evolutions of the liquid mass (top) and of the vapor mass (bottom) obtained
with the 0D and with the 1D NASA models.

describe, with reasonable accuracy, the main observables of the thermo-fluid-dynamics characteri-
zation, both during the storage and the during the blowdown regime. The greatest discrepancies
arise, during the storage regime, for the evolution of the liquid and vapor mass, even if these last
only marginally affect the pressure evolution, and, during the blowdown regime, for the evolution of
liquid and ullage temperature. This result underscores the potential of the 0D model, which, more-
over, requires less effort to be implemented with respect to the 1D model. However, the latter is

essential in the case when the effects related to the temperature stratification have to be considered.

2.10.2 Parametric study for the variables of the stratified interface model

The proper value for the integration distance, i.e. the total thickness of the interface layers, which is
called ¢, in the ullage CV and ¢7; in the liquid CV, and the proper values for the thickness of each
interface layer in the liquid CV and ullage CV, Ax; and Az, respectively, can be found through
a parametric study. Here, the parametric study carried out in the case of the storage regime is
presented, as an example.

In this work, the proper value for ¢;; has been found by fixing the values of ¢;, = 10 cm and
Ax; = Az, = 1 mm, and letting ¢ ;; assume the following values t7; = [2,5, 10, 15, 17, 18, 20, 30, 40, 60]
cm. In Fig. 2.9, the interface temperature distributions, in the liquid CV, obtained for the different
values of t; are plotted. In each subfigure, the temperature distribution is plotted at the three
times of 1000 s, 3000 s, and 5000 s. As ty; increases, the interface temperature distribution, far
from both T; and T, becomes independent of the value of both ¢¢; and time. The conductive heat
transfer rate between the liquid CV and the film CV, at 3000 s, is plotted, in Fig. 2.10, as a function

of ty;. Convergence in the values of Qlcond and fomd is reached for a value of ty; = 15 cm, as it is
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Figure 2.9: ty; parametric study: interface temperature distributions, in the liquid CV, obtained for the
different values ty;. In each subfigure, the temperature distribution is plotted at the three times of 1000 s,

3000 s, and 5000 s.
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2.10. Results

clear both in Fig. 2.10 and in Tab. 2.2, so this value of ¢;; has been selected.

Table 2.2: t;; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
lc""d, and conductive heat transfer rate between the ullage CV and the film CV, Q°"?, for different values
of ty;. Both Qf""d and Q°°"? are taken at 3000 s.

tralem] Q" [W]  Qgomd [W]

2 3.816227 -2.161077
5 -27.904290 -2.161077
10 -35.212929 -2.161077
15 -35.265658 -2.161077
17 -35.265683 -2.161077
18 -35.265683 -2.161077
20 -35.265683 -2.161077
30 -35.265683 -2.161077
40 -35.265683 -2.161077
60 -35.265683 -2.161077

After selecting ¢y, a parametric study can be done to find the proper value of the parameter
tfo, always leaving Az; and Az, fixed at the value of Az; = Az, = 1 mm. In this case, ts, has
been varied using the following values ¢, = [10, 30, 35, 40, 50, 60, 65] cm. In Fig. 2.11, the interface
temperature distributions, in the ullage CV, obtained for the different values of ¢, are plotted. In
each subfigure, the temperature distribution is plotted at the three times of 1000 s, 3000 s, and
5000 s. As ty, increases, the interface temperature distribution, far from both T}, and T, becomes
independent of the value of both ¢, and time. The conductive heat transfer rate between the ullage
CV and the film CV, at 3000 s, is plotted, in Fig. 2.12, as a function of ¢;,. Convergence in the
values of ngnd and Qlcond is reached for a value of ¢, = 35 cm, as it is clear both in Fig. 2.12 and
in Tab. 2.3.

After finding the appropriate values for ¢y, and ty;, the proper values for the thickness of each

layer in the vapor and liquid CV, Az, and Az; respectively, can be found also through a parametric

10 T T T T T
0F 4
£ 10} |
<
§
5520 ¢ :
30 _
© © ©
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0 10 20 30 40 50 60
trg [cm)]

Figure 2.10: {;; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
at 3000 s, Q°"¢, as a function of the total thickness of the interface layers in the liquid CV, ty,.
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2.10. Results

study. In this work, the parametric study for Ax; has been done by fixing the values just found of
tyy = 15 cm and ty, = 35 cm, using a value of Az, = 1 mm, and letting Az; assume the following
values Az; = [0.05,0.1,0.5,1] mm. As the values of Q" and Qlc‘md obtained with Az; = 0.1 mm
show a little discrepancy with respect to the ones obtained with Az; = 0.05 mm, as it is clear both
in Fig. 2.13 and in Tab. 2.4, the former value has been selected for a trade-off between accuracy
and computational time.

Finally, the parametric study for Az, has been done by fixing the values just found of ty; = 15
cm, ty,, = 35 cm, and Az; = 0.1 mm, and letting Az, assume the following values Az, = [0.5,0.8,1]
mm. A value of Az, = 1 mm has been selected for a trade-off between accuracy and computational

time, as the values of Qi‘md and Qf‘md obtained with this value of Az, are comparable to the ones
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Figure 2.11: t;, parametric study: interface temperature distributions, in the ullage CV, obtained for
different values of ¢y ,. In each subfigure, the temperature distribution is plotted at the three times of 1000
s, 3000 s, and 5000 s.
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2.10. Results

Table 2.3: ¢y, parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qf‘md, and conductive heat transfer rate between the ullage CV and the film CV, Q¢°"4, for different values
of t;,. Both Q"¢ and Q"¢ are taken at 3000 s.

tro [em]  Qfond [W]  Qeomd [W]

10 -35.265658 -2.161077
30 -35.196234 2.885266
35 -35.196215 2.887647
40 -35.196213 2.887803
50 -35.196213 2.887809
60 -35.196213 2.887809
65 -35.196213 2.887809
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Figure 2.12: t;, parametric study: conductive heat transfer rate between the ullage CV and the film CV,
Qo4 at 3000 s, as a function of the total thickness of the interface layers in the ullage CV, ty,.
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Figure 2.13: Ax; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qlc""d, at 3000 s as a function of the thickness of each layer in the liquid CV, Az;.
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2.10. Results

Table 2.4: Az; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qf‘md, and conductive heat transfer rate between the ullage CV and the film CV, Q°"?, for different values

of Ax;. Both Qlcond and fo’"d are taken at 3000 s.
Az [mm] Q" [W]  Qgomd [W]

0.05 -35.829423 2.887560
0.1 -35.796195 2.887570
0.5 -35.530036 2.887635

1 -35.196215 2.887647

obtained choosing lower values of this parameter, as it is clear both in Fig. 2.14 and in Tab. 2.5.
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Figure 2.14: Az, parametric study: conductive heat transfer rate between the ullage CV and the film CV,
cond " at 3000 s, as a function of the thickness of each layer in the ullage CV, Az,.

v )

Table 2.5: Az, parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qlw"d, and conductive heat transfer rate between the ullage CV and the film CV, Q°"?, for different values
of Ax,. Both Qlw”d and ngnd are taken at 3000 s.

Az, [mm] Q" [W] Qond [W]

0.5 -35.795972 2.897678
0.8 -35.796105 2.891618
1 -35.796195 2.887570

It is evident, in Figs. 2.9 and 2.11, that the temperature far from Ty and T or T,,, respectively,
tends to the initial temperature when the results reach the convergence. So, if the initial temperature
is imposed as a boundary condition, instead of using liquid and ullage temperatures in Eqs. (2.51)
and (2.54), respectively, the integration distance at which the results reach the convergence becomes
lower. When the initial liquid temperature, 7;(0), is used, instead of the instantaneous liquid

temperature, Eq. (2.51) becomes:

anJ(nl -1) L
ot Ax%

[T3(0) + Ty — 2) — 2T g4 (ry — 1)] (2.90)

Figs. 2.15 and 2.16 and Tab. 2.6 show that, in this way, a convergence both in the interface
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temperature values, T, and in the heat transfer rates, Qlcond and Qf,ond, is reached with a lower

value of the interface thickness in the liquid CV, t;; = 10 cm.
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Figure 2.15: t;; parametric study: interface temperature distributions in the liquid CV obtained for

different values of ¢ 7, in the case of the use of 7;(0) as boundary condition. In each subfigure, the temperature
distribution is plotted at the three times of 1000 s, 3000 s, and 5000 s.
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Figure 2.16: t;; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Q5o at 3000 s, as a function of the total thickness of the interface layers in the liquid CV, ¢ f,1, in the case
of the use of T;(0) as boundary condition.

The same procedure can be adopted to reduce the total interface layer thickness in the ullage CV.

Using, as boundary condition, the initial ullage temperature, T;,(0), instead of the instantaneous
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Table 2.6: t;; parametric study: conductive heat transfer rate between the liquid CV and the film CV,

Qf"”d, and conductive heat transfer rate between the ullage CV and the film CV, Q<°"¢, for different values

of ty;. Both Qlc"”d and Qﬁ"”d are taken at 3000 s, and refer to the case of the use of T;(0) as boundary
condition.

tysfem] Q" [W] @y [W]
5 -35.128876  2.843580
10 -35.196854  2.843580
15 -35.196854  2.843580

ullage temperature, Eq. (2.54) becomes:

0Tt p(ny — 1)
ot

 Omix
~ 2
Ax?

[T,(0) + wa(nv —-2) - 2Tf,v(nv —1)] (2.91)

Figs. 2.17 and 2.18 and Tab. 2.7 show that, in this way, a convergence both in the interface

Yeond

temperature values, T’ ,, and in the heat transfer rates, Q) and and, is reached with a lower

v

value of the interface thickness in the ullage CV, tf, = 20 cm.
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Figure 2.17: t;, parametric study: interface temperature distributions in the ullage CV obtained for
different values of t;,, in the case of the use of T;(0) as boundary condition. In each subfigure, the
temperature distribution is plotted at the three times of 1000 s, 3000 s, and 5000 s.

A parametric study on Az; has been also carried out, using 7;(0) as boundary condition. In
particular, fixed values of ty; = 10 cm, ¢y, = 20 cm, and Az, = 1 mm have been used, and Az,
has assumed the following values Ax; = [0.1,0.5,1] mm. Fig. 2.19 and Tab. 2.8 show that a value

of Az; = 0.1 mm allows a good trade-off between accuracy and computational time.
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Table 2.7: t;, parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qf‘md, and conductive heat transfer rate between the ullage CV and the film CV, Q
of tf,. Both Qfond and fomd are taken at 3000 s, and refer to the case of the use of T3,(0) as boundary

cond

v

2.10. Results

, for different values

condition.
trw lcm] Q"¢ [W] Q™ [W]
10 -35.196854 2.843580
15 35.196253 2.886339
20 -35.196239 2.887802
30 -35.196239 2.887809
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Figure 2.18: t;, parametric study: conductive heat transfer rate between the ullage CV and the film CV,

fo’"d, at 3000 s, as a function of the total thickness of the interface layers in the ullage CV, ty,,, in the case
of the use of T,,(0) as boundary condition.
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Figure 2.19: Az, parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Q54 at 3000 s, as a function of the thickness of each layer in the liquid CV, Az, in the case of the use of
T;(0) as boundary condition.
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Table 2.8: Az; parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qf‘md, and conductive heat transfer rate between the ullage CV and the film CV, Q°"?, for different values

of Az;. Both Qlc"”d and Q"¢ are taken at 3000 s, and refer to the case of the use of Tj(0) as boundary
condition.

Az [mm] Q"4 [W] Q¢ [W]

0.1 -35.796218 2.887726
0.5 -35.530059 2.887791
1 -35.196239 2.887802

Finally, a parametric study on the Az, has been carried out, using 7',(0) as boundary condition.
In particular, fixed values of ty; = 10 cm, ¢y, = 20 cm, and Az; = 0.1 mm have been used, and
Az, has assumed the following values Az, = [0.5,0.7,1] mm. Fig. 2.20 and Tab. 2.9 show that a

value of Az, = 0.7 mm allows a good trade-off between accuracy and computational time.
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Figure 2.20: Az, parametric study: conductive heat transfer rate between the ullage CV and the film CV,
Qe at 3000 s, as a function of the thickness of each layer in the ullage CV, Ax,, in the case of the use of
T,(0) as boundary condition.

Table 2.9: Az, parametric study: conductive heat transfer rate between the liquid CV and the film CV,
Qf(’"d, and conductive heat transfer rate between the ullage CV and the film CV, Q°"?, for different values

of Ax,. Both Qf‘md and ngnd are taken at 3000 s, and refer to the case of the use of T,,(0) as boundary
condition.

Az, [mm] Q" [W] Qond [W]

0.5 -35.795996 2.897829
0.7 -35.796085 2.893788
1 -35.796218 2.887726
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Chapter 3

Numerical setup for CFD analysis

Until now, cryogenic tanks operating conditions have been typically studied in CFD using a transient
approach, modeling the tank as 2D axisymmetric, and introducing a two-phase model, in order to
treat the interface region. The most widely used two-phase models have been the Sharp Interface
(SI) model, developed by Kassemi and his research group, and the Volume-of-Fluid (VOF) model.
In the Sharp Interface model [16, 49-51], the interface is represented as a sharp boundary that
divides the liquid and vapor regions. For each phase, the governing equations are individually
solved, and interface balances are imposed at the liquid-vapor interface. A drawback of the Sharp
Interface model is that it is currently limited to stationary flat interfaces, such as pressurization
in normal gravity. In the VOF model [38], the interface is captured diffusively. Only one set of
governing equations is solved for both phases, and an evolution equation for the volume fraction of
the vapor is added to this set. The volume fraction is then used to weight material properties and
field variables, creating the impression of the presence of two distinct "fluids" within the solution.
Although, in literature, the Eulerian VOF method has been mostly used to track the interface
between the liquid and vapor phases in cryogenic tanks simulations, also other approaches have
been tested. For example, in [99], a 3D adaptive Eulerian-Lagrangian method, with a phase change
model, has been used to study the self-pressurization of a liquid Hy tank.

Alongside the interface treatment, in CFD self-pressurization studies, a proper model has to be
selected in order to take into account the interfacial phase change mass transfer rate. The most
common models for implementing mass transfer in two-phase schemes are the Rankine-Hugoniot
jump condition, the one proposed by Schrage, and the one proposed by Lee. In the first [31], mass
transfer rate is calculated from the net energy transfer across the interface. Schrage [95] proposed a
formulation based on kinetic theory of gases and applicable for near equilibrium conditions. Instead,
Lee [64] developed a simplified saturation model for evaporation and condensation processes. In
this model, phase change rate is proportional to the deviation of the interface temperature from the
saturation temperature.

In this chapter, we will see the details of the numerical setup that we have used to obtain the
results presented in the following chapters. In particular, after presenting the governing equations,
details of the chosen two-phase model, namely the Volume-of-Fluid model will be given. Then, the
selected models to account for the mass transfer due to phase change and for the effect of surface
tension, i.e. the Lee model and the Continuum Surface Force (CSF) model, respectively, will be

presented. Later, the main Reynolds-Averaged Navier-Stokes (RANS) turbulence modelings will be

47



3.1. Governing equations

shown. Next, the selected approaches for assigning the thermophysical and transport properties

will be explained. Finally, the conjugate heat transfer model will be shortly introduced.

3.1 Governing equations

The equations describing the behavior of the fluid are the continuity, Navier-Stokes, and energy

equations:
dp B
0 T
5;(PV) £V - (pvv) = =Vp £+ V- [piess (Vo + Vou )| + pg + Fuol (3.2)
0
C(pE) + V- [0(pE +p)] = V- (A VT) + 5 (3.3)

ot
This set of equations can be used in both the laminar and turbulent cases, through the definition
of effective transport properties, where effective is defined as the sum of the molecular contribution
and of the possible turbulent contribution. perr and A.ry are, respectively, the effective viscosity

and the effective thermal conductivity.

3.2 The Volume-of-Fluid method

Common Eulerian schemes used to simulate two-phase flows are termed interface-capturing methods.
In these methods, the computational grid remains fixed. The Volume-of-Fluid method [38] is part
of interface-capturing methods, and it is based on the definition of the volume fraction of a specific
phase, whose value is one if the cell is completely occupied by that phase, is zero if it is completely
occupied by the other phase, and is between zero and one for interface cells, as it is schematized in
Fig. 3.1.

0.0 0.0 0.0 0.0 0.0 0.0

0.0 0.0 0.0 0%3 QE" \)3-1”

L 0.84 1.0 1.0 1.0 1.0 .o
1.0 1.0 1.0 1.0 1.0 1.0

Figure 3.1: Schematic of fluid volume fraction and fluid interface, from [52].

In the VOF method, a unique set of governing equations, Eqgs. (3.1) - (3.3), is solved for both

phases, and an evolution equation for the volume fraction of the vapor is added to this set (in order
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to track the interface between the liquid and vapor phases):

1[0 ) .
; [at(avpv) + V- (pyvy) = 1y — 1y (3.4)
v

The liquid volume fraction can be computed using the constraint that the sum of the volume

fractions of each ¢** phase must be equal to unity:

d =1 (3.5)

q=lv
Average field variables and properties are, typically, defined in terms of the phases volume

fractions:

P= Py fefr = D Cqliefs, Aeff = D Qghefy, (3.6)

q=lv q=lv q=lv

The specific total energy (i.e., the sum of the specific internal and kinetic energies) is treated as

a mass averaged variable:
2 2
21 agpqkty 21 QqPqCq 2
P S E (3.7)
> gPq > Qgpg
q=1 qg=1

The velocity, v, resulting from Eq. (3.2), is shared among the phases.
Finally, VOF methods are inherently conservative, but they suffer inability to capture the in-

terface accurately.

3.3 The Lee model

The source term, in the evolution Eq. (3.4), is written using the Lee model [64], which is a simplified
saturation model used to calculate phase change due to evaporation and condensation. The model
assumes that mass is transferred at constant pressure and quasi-thermo-equilibrium state. In this
model, the driving force for the volumetric mass sources, 17y, and 1,, in [kg/(m3s)], is the difference

between local temperature and saturation temperature, T:

Tl B Ts
T

My, = roagp; if Ty >Ts (evaporation) (3.8)
Ts - Tv
T

My = Ty Py

if Ty <Ts (condensation) (3.9)

where 7, which has the units of [1/s], is an empirical coefficient, called mass transfer intensity
factor, which is typically adjusted to match experimental data. It is the inverse of a relaxation time,
and researchers have used a wide range of values, ranging from 0.1 to 1- 107 1/s [54]. In general,
the optimal value of » depends on numerous factors, which encompass, but are not restricted to,
specific phase change phenomenon, flow rate, mesh size, and computational time step. Even if,
theoretically, it should be different for evaporation and condensation processes, in this thesis, equal
values of r have been used for both processes, as it has been done in previous numerical studies

69, 71].
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It is clear, from Egs. (3.8) and (3.9), that an accurate representation of the saturation line is
fundamental for a precise calculation of phase change mass transfer. In our simulations, NIST [65]
data have been used for either a linear or a piecewise linear approximation of the saturation line.

In addition, the volumetric mass source estimated using the Lee model is multiplied by the latent
heat of phase change in order to compute the source term, Sy, in Eq. (3.3), which is a volumetric
heat source due to phase change.

Finally, some researchers |7, 70| have demonstrated that Lee model is fundamentally derived
from the Schrage model. But, unlike the Schrage model, which allows phase change only along the
interface, the Lee model allows to simulate full scale flow boiling and flow condensation processes,

with relative ease.

3.4 The Continuum Surface Force model

In order to accurately capture the interface, a method for modeling surface tension force effects
has to be used. This holds especially true under conditions of reduced gravity, where the relative
influence of surface tension force with respect to gravity can be high. The source term F;, in
Eq. (3.2), represents the contribute of surface tension force at the interface, which is modeled
as a volumetric force, using the Continuum Surface Force (CSF) model [12, 54]. With fixed grid
methods, the surface tension force, according to the CSF model for constant surface tension, o, is
defined as:

F o, = oKkdsn (3.10)

where d, is the Dirac delta function, which allows the surface tension force to have a finite value
at the interface, and to be zero everywhere else away from the interface.

Moreover, the surface unit normal, n, and the surface curvature, k, are defined as:

= —— (3.11)

K=V -7 (3.12)

where, c is a parameter defined based on the method used, and, with the VOF method, it is the
volume fraction. Thus, when the VOF is used, the term F,,, in Eq. (3.2), becomes:

priVay

T (3.13)

Fuo =0

where p is the volume fraction averaged density, computed using Eq. (3.6). Even though the CSF
model has been successfully applied in numerical schemes, it is known, as well as other other methods
used to describe the effect of surface tension, to artificially induce spurious currents when capturing
the interface. These are nonphysical vortex currents induced close to the interface, resulting in
unrealistic distortions, and, therefore, lowering the accuracy of interface curvature calculations.
The inability to balance pressure gradient with surface tension force is the main cause of these
currents. Recently, investigators have proposed techniques to eliminate these spurious currents.

For example, an accurate representation of the body force due to surface tension, which effectively
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suppresses spurious currents, is proposed in [86].

3.5 Contact angle model

When using a surface tension model, a contact angle model has to be chosen, too. The contact angle
is the angle between the gas-liquid phase boundary and the solid container wall at the contact line.
This angle establishes the shape of the free-surface in the tanks, and thus the location of the liquid
bulk. The knowledge of the liquid position is important for the retreat of liquid from the tank, as
well as for the prediction of the heat and mass transfer. The contact angle, which is determined
by the interfacial energy of the components, is no longer constant if the contact line moves over a
solid.

In case of isothermal conditions the advancing dynamic contact angle, 4, mainly depends on
the capillary number [30], Ca = pu/o, where uw denotes the advancing velocity of the meniscus,
the viscosity of the liquid, and o the surface tension. Many models for the dependency between
the dynamic contact angle and the Ca number have been developed over the years [13, 22, 42].
Experiments at isothermal conditions, made in [30], showed a good agreement with the dynamic

contact angle model developed by Jiang et al. [42]:

COS Y5 — COS Yq

= tanh (4.96Ca" ™2 3.14
cosys + 1 a ( “ ) ( )

where 5 stands for the static contact angle. In [42], Eq. (3.14) is recommended for any macroscopic
geometry in the cases when the effects of gravity, of inertia, and of adsorption are absent.

In case of non-isothermal conditions, the dynamic contact angle is affected by different thermal
effects, among which there are the Marangoni flow due to surface tension gradients, evaporation and
condensation at the liquid-ullage interface, and the vapor recoil. Both experimental and numerical
studies have been carried out by Dreyer et al. to investigate the effect of the Marangoni flow on
the dynamic contact angle at compensated gravity conditions [30, 58|. The measured data showed
that Marangoni convection causes an increase of the apparent dynamic contact angle. In particular,
in [30], they used the correlation by Jiang [42] as a basis for a dynamic contact angle model in
the non-isothermal case. In particular, the model of Jiang was modified by a substitution of the
static isothermal contact angle by a shift contact angle, ysp; ¢, which characterizes the shift of the

dynamic contact angle caused by Marangoni convection:

COS Vshift — COS7Yd
COS Yshift + 1

= tanh (4.96Ca"") (3.15)

Moreover, a relation has been determined for v,p; ¢, which depends on the thermocapillary Reynolds

number, Rejs, and the ratio between the Weber number and the thermocapillary Weber number,

We/Wep:
1/3
We L\]Y3
%hiftZQO‘g{WeM [RQM <D)] } (3.16)

where the ratio between the Weber number and the thermocapillary Weber number can be expressed

in terms of the surface tension, the surface tension gradient, o7, and the temperature difference
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between the hot wall and the cold liquid, AT

We or AT
= 3.17
Wen o ( )
and Rej; is defined as: A
TL
Repr = WTT (3.18)

In the present study, the contact angle has been prescribed as a boundary condition. In par-
ticular, it has been set as constant and equal to 90° for all the analyses, except for the parametric
study on the gravity level (see Sec. 6.3), where it has been set to 5°. It stands out, observing the
Eq. (3.14), that the dynamic contact angle would be equal to the static one in the case of null
Ca, i.e. when the advancing velocity of the meniscus is zero. Thus, the assumption of a constant
static contact angle at the wall is accurate for the studies performed in normal gravity (see Cap.
4 and Cap. 5), and for the validation carried out in reduced gravity (see Sec. 6.2), as a settling
acceleration was used in the latter case. Indeed, in these cases, the contact line does not move in
time. Instead, for the parametric study on the gravity level (see Sec. 6.3), the free-surface is subject
to reorientation, thus a model for a dynamic contact angle would have been needed. However, the
used value of contact angle, 5°, is a good approximation, being a typical contact angle for cryogenic

liquids in contact with typical tank wall materials (aluminum or stainless steel) [10, 14]. Moreover,

We
Wens

when AT = 0, and, consequently, also the surface tension gradient is zero. Thus, neglecting the

it stands out from Eq. (3.16) that ;¢ nulls either for Reps = 0 or for = 0, thus in the cases
YVshift, we have also neglected the temperature gradient between the hot wall and the liquid, which,

in cryogenic tanks, is typically not negligible in proximity of the liquid-ullage interface.

3.6 Reynolds Averaged Navier-Stokes turbulence modeling

One of the most used approaches in solving the Navier-Stokes equations is the Reynolds Averaged
Navier-Stokes simulation, in which only the mean flow field behavior is described by the averaged
Navier-Stokes equations. Fine turbulent scales are not resolved, and a steady mean flow field, that
satisfies the averaged Navier-Stokes equations, is obtained.

When the flow is strongly unsteady with non-turbulent origin (e.g., externally-enforced un-
steadiness), the unsteady mean flow is resolved, and the turbulent fluctuations are described by the
turbulence model. This is possible because the time scale of the turbulence dynamics is smaller
than the dynamics of the phenomenon that caused the unsteadiness. Such transient simulations
are named Unsteady Reynolds-Averaged Navier-Stokes (URANS) simulations. URANS simulations
require a higher computational cost with respect to their steady-state version, and show a stronger
sensitivity to the model chosen.

The non-linearity of the Navier-Stokes equations leads to the appearance of momentum fluxes
(the Reynolds stress terms) that act as apparent stresses throughout the flow. Since these momen-
tum fluxes are unknown a priori, the system of the equations is no longer closed, and additional
equations have to be derived. A turbulence model can be used to close the system. Turbulence
modeling consists in creating a mathematical model that approximates the physical behavior of
turbulent flows. This has to be made by introducing the minimum amount of complexity, while

capturing the relevant flow physics.
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Most turbulence modeling focuses on the Reynolds stress terms. These are either solved directly,
as in full second-moment Reynolds stress models, or defined via a constitutive relation for simpler
models. Less attention is typically given to the other terms that need to be modeled. For zero-
, one-, and two-equation models, the Boussinesq approximation, with suitable generalization for
compressible flows, is the most used approach. Denoting the eddy viscosity by p; , the following

form is assumed for the Favre-averaged Reynolds Stress Tensor, ﬁrgz

— ~ 10y 2
g k _
pTi; = —puj v =24 <Si' ~ 390, dij — 39k5ij> (3.19)
where S’Z is the mean strain rate tensor. In the mean strain rate tensor, the Favre-averaged

velocity, v;, is used:

0i(xi t) = p(xi t,w)vi(x, t,w) (3.20)

ﬁ(-%'i, t)

The most important consideration in postulating Eq. (3.19) is to guarantee that:
R
tr (1) = —2k (3.21)

where, k, is the turbulence kinetic energy, which means that the second eddy viscosity is iden-
tically —% p- It is worth to notice that the Boussinesq hyphotesis implies the anisotropy tensor a;;

to be aligned with the deviatoric part of the Favre-mean strain rate tensor:
Aj; = p?)i Uj - gpkéw == —2VTS7;]' (322)

Being symmetric and deviatoric, both a;; and 5’5 have five independent components. According
to the turbulent viscosity hypothesis, these five components are related to each other through the
scalar coefficient vp, but, even in simple shear flow, it is found that this alignment does not occur.
Specification, by the turbulence model, of v (z;,t) solves the problem of the Reynolds stress tensor
closure. In creating a mathematical model that approximates the physical behavior, the most used
approach is applying the Boussinesq hypothesis (Eq. (3.19)), and trying to provide a scalar value
of the eddy viscosity to close the RANS equations (Linear Eddy Viscosity Models (LEVM)). Since
the beginning of the history of turbulence modeling, many researchers tried to provide equations for
vr , developing n-equation models, which require the solution of n additional differential transport
equations. Zero-equation or algebraic models (mixing-length model), one-equation models (Spalart-
Allmaras model), and two-equations (SST k—w, k—w, and k —e models) all belong to this category

of closure strategies.

3.6.1 k — ¢ model

In the k — ¢ turbulence model [62] two transport equations, one for the turbulence kinetic energy,

k, and the other for its dissipation rate, e, are used. The transport equations are:

a,_ o ,__ ov; 0 _
2 o)+ (i o [

ok
= —Tija — | —pe (14 2M? 2
ot Ox; Tjaxj I > ij] ,05( + t) (3.23)
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a,_ g, e Oy 0 _ e\ Oe _e2
a(pE) + 87]'(/)1}]5) = _6123%7-”87]' + 8733‘7 |:<,U + 0_8> al‘j:| — ngp? (324)

In these equations, the first and last terms at the right-hand side account for production and

dissipation, respectively; and M; = v/2k/a is the turbulent Mach number, where a is the sound

speed. The eddy viscosity is evaluated as:
k,2
Mt = ﬁCu? (3.25)

The values of the model constants are ci. = 1.44, co. = 1.92, ¢, = 0.09, 03, = 1.0, and o, = 1.3.

3.6.2 k — w model

The standard & — w model [119] is based on model transport equations for k¥ and w = ¢/k. The

eddy viscosity is evaluated as:
Lk
we = a*p— (3.26)
w

where o is the low-Reynolds-number damping term. The transport equations are:

9, 9 . 0v; d o\ Ok o
a(ﬂk) + a?j.(pvfk) = i g, + oz, [(M‘F 0'k> 8%] pB” [+ kw (3.27)
0, _ o0 . w  0y; 0 g\ Ow B 9
il — W) = —a—T—  —— a2 hebadly BN D)
759 + g (oye) =~y + o () axj P8 fsw (3.28)
with: Rer/ R Reu/R
«_ x (gt Ret/Ry Qoo (0 + Ret/Ry
= =0 ATk = 0T e 2
@ aoo(l—i-Ret/Rk)’ a* <1+R€t/Rw> (3 9)
1+680x7 .
— 5 ifxx>0 1+70
. — ] 1+400y2 _ 1+ 70x .
fs K A S0y (3.30)
1 if xi <0
1 9k Ow QUQ]kSkz
_ - O 0w L = | kK 3.31
Xk = 3 oz 0x; X (Brw)3 (3:31)
Br =B+ CFOML)],  B=pi—BCFMM) (3.32)
/Bi - Boo ( 1+ (Ret/R6)4 ) Ret — ﬂw (333)
2 2 o _ 2k
F (M) = [M{ — M| H (M — My) M; = — (3.34)

Here, H(x) is the Heaviside step function; and the values assigned to the model constants are
alf, =1, ae = 0.52, oy = B3;/3, ag = 1/9, B, = 0.09, B; = 0.072, Rg = 8, R, = 6, R, = 2.95,
¢* =15, My =0.25, o, =2, 0, = 2.
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3.6.3 SST k£ — w model

The Shear Stress Transport (SST) k — w model of Menter |74] successfully blends the near-wall
robust and accurate formulation of the k — w model, with the freestream independence of the k — ¢

model. The eddy viscosity is obtained from:

ok 1
B = maz [(1/a%), (QUFJaiw)] (3:35)
and the transport equations are similar to the parent models:
0 o 61}1 0 _ o ue\ Ok _
k) + i — | =—1| - pB*k 3.36
g PR+ g, (Poik) =l =Tt 5 [<M+0k> axj] P (3:36)
0 o ,_. p Oy 0 K > Ow}
+ — (prjw) = — a—Ty; + ,u+f .
ot o1 7! O; (Pts) eV 0x; " O d; (3.37)
- pﬁw + Dy,
where « is determined from Eq. (3.29), by replacing the (constant) a., with:
‘ 2
Qoo = Flaoo,l + (1 - Fl) U2, (ool = 621 S R
/Boo Ow,1 5*
2 (3.38)
oy = Big Ky
o 550 O0w,2 B*
and
Bi=F1Bix+ (1 - F1)Bi2 (3.39)
The cross-diffusion term D,, is defined as:
1 0k Ow
D,=2(1-F w, 3.40
21 F) o g o (3.40)
The blending functions F} and F3 are evaluated from:
Fy =tanh (®]), F, = tanh (®3) (3.41)
®; = min | max vk _ 5004 Aok
1= 0.09wd’ pd?w |’ o, oD d? |’
(3.42)
Vk 5000
9 = max |2 , =
0.09wd’ pd3w
1 1 0k Ow Ja—
Df = 2p——————— 1072 Q= /20, 3.43
“ maX|: p0w2w8$j 8.7}j7 ’ Je ( )
1 1
oL = (3.44)

y  Ow =
Fifogi+ (1 —F)/ore 7 Fifowr+(1—F) /o2
where );; is the mean rotation rate, d is the distance from the nearest wall, and D+ is the

positive portion of the cross-diffusion term. The model constants are here set to o3 = 1.176,
0wl =2,0r2=1,04,2=1168, a; = 0.31, ;1 = 0.075, and B3;2 = 0.0828. The additional model
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constants assume the same values as in the standard k& — w model.

3.6.4 Realizable k£ — ¢ model

The realizable k — ¢ model was introduced by Shih et al. [98] to guarantee positivity of the normal
Reynolds stresses and Schwarz inequality for the turbulent shear stress. The transport equation for
k is the same as for the standard model (Eq. (3.23)), except for the model constants, instead the

equation for € is:

0, _ o ,__ - 0 _ ot Oe
a(ﬂf) + 87% (pvje) = pe1Se + 87333 [(M + Ua) 8%]
) (3.45)
_ £
TP e
where: By
’r] ~ ~
C1 = max [0.43, 77+5:| , N = Sg, S = QSijSij (3.46)
and a variable ¢, is used for the evaluation of p; (Eq. (3.25)):
.= ! e = \J3 5 + (3.47)
o Ag + As (kU*Je)’ B R '
Ag =4.04, Ay =+V6coso (3.48)
1 i3Sk Ski
¢ =gcos (VOW), W= 2 2Ikok (3.49)

\/SijSij

The model constants are set to co = 1.92, o = 1.0, and o, = 1.2.

3.6.5 Near-wall treatment of £ — ¢ models

For the k — € models, the flow is divided into two layers: a fully turbulent region far away from the
wall, which obeys the k —e model equations; and a viscous region, where € and u; are both specified
algebraically [120]:

€= kZQ (3.50)
o = peu Rl (3.51)
where the damping effects are taken into account in:
le =de[1 —exp (—Regq/Ae)] (3.52)
ly,=dc [1 —exp(—Req/A,)] @ (3.53)

Eq. (3.53) accounts for the effect of compressibility through the density ratio, where p,, is the
wall density [34]. The blending between the two layers is smoothly and implicitly achieved for
steady-state solutions, introducing the blending function A.(Rey), as proposed in [43]:

1 Rey — 200
=g |l tanh 54
=3 [ -t (20/atanh(0.98)>] (3.54)
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which is close to zero for Re; < 200 (i.e., in the near-wall region) and one otherwise. The

blended eddy viscosity is computed easily as the convex combination of the two:

Pesth = Aepte + (1 — Ao) pe,21 (3.55)

where pi; is the one of the fully turbulent layer. The blended dissipation is computed in a similar
way, but acting on the differential equations, Eq. (3.24) or Eq. (3.45), by multiplying all the terms
(but the temporal derivative) by A, and by adding the term:

(I=2X) (k;w - e) (3.56)

Hence, in the fully turbulent layer, where A; ~ 1, Eq. (3.24) or Eq. (3.45) is recovered; whereas

in the viscous layer, where A ~ 0, we have:

de  k3/?

at 1.

—€ (3.57)
which reduces to Eq. (3.50) under steady conditions. The constants are, here, set to [15]:

o =ke Mt A,=T0, A =2 (3.58)

3.7 Thermophysical and transport properties

Two different approaches have been used for thermophysical and transport properties. In the first
approach (Sec. 4.6.3), the propellant and the vapor contained in the ullage, which are of the
same chemical species, are modeled as an unique species, with time varying real thermophysical
and transport properties, taken from the National Institute of Standards and Technology (NIST)
Chemistry WebBook [65] database.

Driven by the will to speed up the really time-consuming two-phase simulations, we have looked
for an approach which does not require access to the NIST functions at each time step in order
to compute the properties. In this second approach, even if the propellant and the vapor are of
the same chemical species, they are treated as if they were two different species. The ideal gas
equation of state is used to model the vapor phase density. Whereas, the Boussinesq approximation
is used to account for density variations in the liquid phase. Boussinesq approximation is typically
applied for incompressible flows in the case of natural convection. In the Boussinesq approximation,
variations in fluid properties other than density are ignored, and density is considered constant in
the governing equations, except where it appears in terms multiplied by g, the acceleration due to
gravity (i.e. the buoyancy force term, pg, in the momentum equation, Eq. (3.2)). In the buoyancy

force term, density is assumed to have a linear dependence on temperature:

p=po—Bpo(T —Top) (3.59)

where pg is the (constant) density of the flow, Ty is the operating temperature, and (3 is the

coefficient of thermal expansion. This last is computed from NIST data, and using this formula,
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which is derived from thermodynamic relations (see Appendix A):

5 Cp<cp1>.1 (3.60)

T \ ¢, a

where a is the speed of sound. The Boussinesq approximation is accurate as long as changes in
actual density are small; specifically, when (T — Tp) << 1.

As concerns the other properties, the specific heat, c,, thermal conductivity, k, and dynamic
viscosity, p, of the liquid phase are modeled as constant. Instead, vapor properties are modeled as
constant if the vapor does not experience large temperature variations during the simulated test
case (Chap. 4). On the contrary, vapor properties are modeled as temperature varying if the ullage
is characterized by large temperature excursions (Chap. 5 and Chap. 6). In the latter case, the
vapor ¢, is modeled with a piecewise linear approximation of data taken from NIST database, at
various temperature values. Instead, the thermal conductivity and viscosity are modeled either with
a piecewise linear approximation of NIST data, or with the Sutherland’s law [110].

Sutherland’s law formulation for thermal conductivity is:

A <T>3/2T0+Sk

Ao T, T+ Sk

" (3.61)

where Sutherland’s law parameters for thermal conductivity depend on the species considered
(for example for Ny they are A\g = 0.0242 W/(m K), Tp = 273 K, and S, = 150 K).

Sutherland’s law formulation for dynamic viscosity is:

T\*? 1,
B () Lo+ 5, (3.62)
Ho Ty T+ 5y

where Sutherland’s law parameters for dynamic viscosity depend on the species considered (for
example for Ny they are jg = 1.663 - 107° Pa s, Ty = 273 K, and S, =107 K).

The saturation curve is approximated either as linear or as piecewise linear using NIST data.

Characteristic thermophysical and transport properties at cryogenic temperatures have been
used for the wall material. In particular, they have been modeled as constant if the wall does
not experience large temperature variations during the test (Chap. 4). Otherwise (Chap. 5), wall
thermal conductivity and specific heat have been modeled as piecewise linear, using data taken from
NIST database for solid materials [53].

3.8 The conjugated heat transfer model

In most of the analyses presented in the following chapters, a conjugated heat transfer model is

used. Tank wall temperature distribution is solved from the wall energy equation:

(‘g)t (pwcuwTw) =V (A VTy) (3.63)

where py, Cw, Ay, and T, are the wall density, specific heat, thermal conductivity, and temper-

ature, respectively. Wall temperature distribution is coupled to the fluid energy equations through
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the wall fluid boundary condition:

Ao VTy = AeffVT (3.64)

where A.r¢ is the effective thermal conductivity. Finally, a heat flux determined from the

experiments is imposed at the external boundary of the wall.
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Chapter 4

Self-pressurization of a liquid N tank:
"BOG cell" test case

The validation test case presented in this chapter involves liquid N9 self-pressurization in a small-
scale tank, exposed to the heat flux generated by three heaters [84]. This experimental test case has
been selected because, in the test apparatus, a large number (thirty-five) of Resistance Temperature
Detector (RTD) sensors had been immersed in the liquid and in the ullage, to measure thermal
stratification over time. In addition, CFD simulations of this test case are still missing in literature,
but the experiment was successfully reproduced using a non-equilibrium multilayer thermodynamic
model in [116].

Previous CFD reproductions of experimental results of ground-based self-pressurization in cryo-
genic tanks were mostly focused on the accurate representation of the self-pressurization rate and
of the temporal evolution of the liquid and ullage temperatures in the very few locations where
suitable thermocouples were installed. Consequently, researchers have rarely assessed the ability
of their computational methodology to reproduce in detail the liquid temperature stratification
close to the free-surface. Since the developing of such a thermal stratification is a driving factor in
propellant vaporization and in the consequent pressure rise, with this validation we assess the poten-
tialities and the weaknesses of various numerical models in reproducing experimental temperature
stratification profiles, as well as pressure rise rates. This validation includes several analyses. First,
a comparison is shown between the experimental results and the numerical ones obtained varying
two thermophysical modelings and various computational models and parameters: pressure-velocity
coupling algorithm; mass transfer intensity factor for phase change computation; conjugated and
non-conjugated wall heat transfer; laminar and turbulent flow. Then, the problem of the uncer-
tainty of the experimental data and of its influence on numerical results is discussed. Finally, a

comparison between CFD and reduced order models results is presented.

4.1 Self-pressurization literature survey

In literature, despite the abundance of self-pressurization experiments conducted within cryogenic
tanks, not all of them have clear and reproducible initial and boundary conditions, making them ac-
ceptable for comparison with CFD results. Among the valuable experiments for numerical method-

ologies validations, there are the ones performed in the early 1990’s in the K-site test facility at
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NASA Glenn Research Center [36, 112], and the ones performed in the early 2000’s at the Multi-
purpose Hydrogen Test Bed (MHTB) facility at NASA Marshall Space Flight Center [37]. In the
K-site test facility, self-pressurization experiments of liquid Ho in an ellipsoidal tank were done.
In particular, in [36], the effect of different initial conditions and imposed heat fluxes was studied,
and, in [112], the effect of the filling level was investigated. In the MHTB facility, a liquid Hs
self-pressurization test series, in a cylindrical tank with elliptical domes, was carried out, varying
the heat transfer rate and the filling level.

Besides experimental data of flight tanks, self-pressurization results in small-scale ground-based
tanks, suitable for validation purposes, can be found, among them there are the ones obtained in
the Zero-Boil-Off Tank (ZBOT) apparatus [8]. These results were obtained in a cylindrical tank
with spherical domes, and the effect of different filling levels and heat transfer rates was studied for
the low boiling point refrigerant HFE-7000.

While most of the self-pressurization test cases found in literature involve tanks experiencing
moderate heat fluxes, there is also a presence of experimental data obtained for tanks exposed to ele-
vated heat fluxes. An example is the experimental data reported in [5], where the self-pressurization
results of tests performed in a spherical liquid Hs tank, subjected to various combinations of three
parameters: filling percentage, heat flux (which reached a maximum value of 405 W/m? in the
uniform heating configuration), and heating configuration, were presented.

Researchers extensively employed the previously mentioned test cases to validate their numerical
approaches. The self-pressurization process of the 50% filled K-site tank, implementing the detailed
tank geometry and the multilayer insulation was simulated in [102]. The VOF model, with Schrage
relationship for mass transfer rate calculation, was used, and the flow was modeled as laminar. The
sensitivity of the initial pressure rise to the initial temperature profile near the interface was shown,
and several issues related to cryogenic fluid simulations were identified. The self-pressurization
process in the 50% filled K-site tank was also simulated in [51]. The case in which the tank was
subjected to a heat flux of 3.5 W/m? was considered, and laminar and turbulent conjugated and non-
conjugated VOF model predictions of pressure evolution were compared. Results demonstrated that
the laminar VOF model provides a more accurate calculation of the self-pressurization rate, and that
wall conduction plays a large role in distributing the heat between the ullage and liquid in the laminar
case. Moreover, the ZBOT self-pressurization experiment in which a 1 W of heat was imparted
into the tank, through a band heater, was simulated using an axisymmetric conjugated Sharp
Interface two-phase CFD model. The computational predictions for this test case were in excellent
agreement with the experimental counterpart. Furthermore, Kassemi et al. [49] presented the CFD
results of a ground-based ZBOT experiment in which the tank was self-pressurized through uniform
heating provided by radiation through a vacuum jacket, simulating heat leaks in the tank from
the space environment, and obtaining, also in this case, a good agreement between the numerical
results and the experimental measurements of tank pressure rise and local temperature evolutions.
Simulations of self-pressurization experiments in the MHTB facility were carried out in [50], and
the results showed that computation of mass transfer using Schrage relationship is insensitive to the
magnitude of accomodation coefficient, both in the Sharp Interface model and in the VOF method.
In the previous numerical validations, a comparison with experimental data of self-pressurizing
tanks exposed to moderate heat fluxes was carried out, instead, in [39], some of the high heat flux

self-pressurization data from [5] were used to validate the proposed numerical methodology.
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Alongside the numerical replication of experimental test cases, in literature, there are interesting
parametric analyses, without an experimental counterpart. For example, in [59], CFD computations
on the stratification of large liquid Hy tanks subject to different heat fluxes were performed, and
different stratification behaviors during the pre-evaporation and the evaporation phases for tanks
of different aspect ratios were found.

More recently, in [26], numerical simulation of liquefied natural gas (LNG) self-pressurization in
a small-scale tank was carried out. Temperature stratification, boil-off, and self-pressurization phe-
nomena, for various tank filling levels and insulation layer thicknesses, were studied using conjugate

heat transfer and SST k& — w turbulence models.

4.2 Test case description

The selected validation experiment is a self-pressurization experiment, performed in a relatively
small-scale liquid Ng tank [84], in normal gravity. The test tank, defined BOG cell, was placed
in a system characterized by a suitable insulation from the external environment, and an average
heat transfer rate of 2.2 W was imparted to the tank radiatively, using three heaters, mounted on
the lateral walls of a copper can that surrounded the test tank. A schematic of the experimental

apparatus is shown in Fig. 4.1. The tank was equipped with a large number (thirty-five) of RTD
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Figure 4.1: Experimental apparatus, from [84].

sensors, immersed in the liquid and in the ullage, to measure thermal stratification over time,
their position is schematized in Fig. 4.2. The experiment underwent two distinct phases: the first
one was characterized by self-pressurization, during which the tank was closed, and the second one
was characterized by pressure set to a fixed value, by the use of a pressure regulator. During both
phases the heaters imparted a heat flux to the tank. Our numerical analysis encompasses a maximum
of the initial 4 hours of the experiment, which corresponds to the complete self-pressurization phase.

According to the data provided in [84], the simulated tank is a cylinder characterized by a height,
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4.3. Thermophysical and transport properties

H, of 213 mm and an inner diameter, D, of 200.5 mm, as represented in Fig. 4.3. The tank wall
material is AISI 316 SS, and the thickness of the side wall is 1.6 mm. Finally, initial liquid volume

fraction and initial pressure, for the selected experiment, are 88% and 106 kPa, respectively.

4.3 Thermophysical and transport properties

The vapor Ns is modeled using the ideal gas equation of state and constant specific heat and
transport properties. Such constant values are taken from the NIST Chemistry WebBook [65]
database, at the average experimental pressure and temperature [84]. Liquid phase density is
modeled with the Boussinesq approximation (see Sec. 3.7), so it is left constant in the governing
equations, except in the buoyancy force term in the momentum equation, where density variation

is written as a linear function of temperature. Thermophysical and transport properties have been
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Figure 4.2: Scheme showing the positions of the thirty-five RTD sensors inside the BOG cell, from [84].
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Figure 4.3: Tank scheme with the indication of the characteristic dimensions and of the boundary conditions
used in CFD.
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left constant also for the liquid Ny phase, and they have been extracted from NIST database, at
the average experimental pressure and temperature. Moreover, a volumetric thermal expansion
coefficient, 3, of 0.0057 1/K is used for the liquid phase, which has been computed from NIST data,
and using Eq. (3.60) of Sec. 3.7. A standard state enthalpy of -1.211 -107 J /kmol and of 0 J/kmol,
both at the reference temperature of 298.15 K, are used for the liquid Ny and for the gaseous Na,
respectively. These values have been retrieved from [73]. A linear approximation is used for the No
saturation curve, using two saturation temperature/saturation pressure combinations, taken from
NIST [65] database. Moreover, a constant value of the surface tension coefficient, equal to 0.0087925
N/m, is used.

When the conjugate heat transfer model is used, the solution of the conduction through the tank
wall is coupled to the fluid-dynamics solution inside the liquid and vapor phases. For these cases,
the solid considered is, in agreement with the experiment [84], AISI 316 SS, for which constant
values of density, thermal conductivity and specific heat, extracted from NIST database for solid
materials at cryogenic temperatures [53], are used. All constant liquid, vapor, and wall properties
are listed in Tab. 4.1.

Table 4.1: Physical properties for the liquid, vapor, and wall materials, taken from [53, 65]. For the liquid
and vapor phases, the indicated value of c is the specific heat at constant pressure, c,.

P A c Iz
[kg/m?| [W/(m - K)] [J/(kg-K)] [Pa s
Liquid phase 803.2 0.14359 2044.4 1.567-10~4
Vapor phase - 7.59 -1073 1133.5 5.714-1076
Wall material  8067.2 8.1 214.7 -

4.4 Computational setup

Transient simulations have been carried out using the the pressure-based solver of the commercial
CFD software Ansys Fluent® [1]. The flow is modeled as 2D axisymmetric, which is a reasonable
assumption for the given geometry (cylindrical) and boundary conditions (see Fig. 4.3). A second
order implicit time scheme is used for time discretization, with a time step size of 2.5-1072 s, with
30 iterations per time step, and a Courant number of 1. These parameters have been selected appro-
priately by making a trade-off between computational cost and numerical accuracy. Second order
upwind schemes are used for spatial discretization of the convective terms in density, momentum,
energy, and turbulence equations, and Ansys Fluent®’s "Compressive" scheme [1] is selected for
the volume fraction equation, with the selection of sharp interface regime modeling. "PRESTO!"
scheme [1] is used to interpolate pressure values at the cell faces. "Coupled" scheme [1] is used as
pressure-velocity coupling scheme. For the validation case of our interest, as we will see in Sec. 4.6.4,
we have made a comparison between the results obtained with the use of the coupled algorithm
"Coupled", and those obtained with the segregated algorithm "PISO". This comparison has shown
that the coupled algorithm allows to obtain results of pressurization rate and of thermal stratifica-
tion comparable to those obtained with the segregated algorithm, but with a time step 2.5 times
larger than that required with the segregated algorithm. For this reason, the coupled algorithm

has been deemed more appropriate for such time-consuming simulations and, therefore, has been
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chosen. Green-Gauss cell based scheme is used to calculate the properties’ gradients, which are
necessary to discretize the convection and diffusion terms in the flow conservation equations.

The following boundary conditions are imposed in simulations coupled with the solid wall: a
heat flux of 10.8 W/m? (given by the ratio between the heat transfer rate to the tank and the
tank external surface) on the external tank walls and a no-slip coupled wall (with a contact angle
of 90°) boundary condition at the interface between the fluid and the wall. The liquid and vapor
phases are initialized as quiescent, at a pressure of 106 kPa and at a temperature corresponding to
the saturation temperature at the initial tank pressure. The wall is initialized at the same uniform

temperature as the fluid phases.

4.5 Grid convergence study

A grid convergence study has been done considering three grids with an increasing level of spatial

accuracy. Details of the used grids are reported in Tab. 4.2.

Table 4.2: Details of the computational grids used for grid independence study, in the case with conjugate
heat transfer.

No. of cells Wall-Interface spacing

[-] [mm]
Coarse 2232 0.5-0.5
Baseline 7392 0.5-0.5
Fine 26250 0.2-0.5

Due to the high computational cost of two-phase flow simulations, for grid independence study
a time interval of half an hour has been simulated because, even if the duration of the self-
pressurization part of the experiment was longer, the effect of the grid was already evident in
this limited time. In Fig. 4.4, the pressurization curves obtained with the three grid levels are
shown. The results obtained with the medium grid level, defined as "Baseline" in Tab. 4.2, show a
limited discrepancy with the ones obtained with the finest grid. Hence, the "Baseline" grid allows
for a trade-off between accuracy and computational cost. For this reason, it has been selected for
subsequent analyses.

The chosen grid, represented in Fig. 4.5, is characterized by an average cell length of 2 mm
in the fluid regions and of 1 mm in the wall region. Moreover, for this grid, the height of the
fluid cells that face the wall, and of those that face the interface (this grid parameter is defined
"spacing" in Tab. 4.2) is 0.5 mm. The selection of appropriate wall and interface spacings is very
important for an accurate calculation of thermal and velocity boundary layers at the wall and of
mass and energy transfer at the interface between the two phases. Indeed, a grid convergence study
carried out only in the fluid region (i.e. without conjugate heat transfer, and distributing the heat
flux between the liquid phase and the ullage as suggested in Sec. 4.6.2), using the three grid levels
whose details are summarized in Tab. 4.3, has shown that halving the spacing yields results similar
to those obtained with a grid twice as fine. This aspect is evident in Fig. 4.6, showing numerical
pressurization curves obtained with the three grid levels used for the grid independence study, in
the case without conjugate heat transfer.

It can be concluded that, once the appropriate spacing is found, one can halve the number of
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Figure 4.4: Grid convergence study, case with conjugate heat transfer: Numerical pressurization curves
obtained with the three grids whose details are summarized in Tab. 4.2.

Table 4.3: Details of the computational grids used for grid independence study, in the case without conjugate
heat transfer.

No. of cells Wall-Interface spacing

-] [mm]
Base 5782 1-1
2 x finer 23128 0.5-0.5
Base with half spacing 5782 0.5-0.5

grid points in both directions in the bulk region without any change in the results, leading to a
reduction in computational time. For the reasons just explained, in this study, for the analyses
carried out without the solid wall, grid defined as "Base with half spacing", in Tab. 4.3, has been

used. This grid is equal to the "Baseline" grid, but is without the wall area.

4.6 Results

In this section, numerical results are presented, discussed and compared with experimental data.
The objective of the discussion is twofold. On the one hand, the objective is the explanation of the
main physical phenomena occurring in self-pressurizing tanks, and influencing the pressure rise rate
and thermal stratification behavior. On the other hand, the focus of the discussion is the different
numerical modelings used in simulations, exploring the reasons for which some choices produce more

reliable results than others, and justifying the choice of a certain numerical methodology.
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4.6.1 Thermo-fluid-dynamics phenomena of self-pressurization

Many thermo-fluid-dynamics phenomena occur during tank self-pressurization. First of all, the heat
transfer rate entering the tank causes self-pressurization, which is due to both vaporization of the
propellant and heating of the ullage. Moreover, the application of a heat flux to the tank walls
causes heating of the fluid layers adjacent to it, which, due to buoyancy, move upward into the
denser fluid, and generate convective recirculations, both in the liquid and in the ullage. Convective
recirculations, in the ullage, cause its thermal stratification, indeed the hottest and lightest vapor
layers move in the uppermost part of the ullage, while the coldest and heaviest layers reach the lowest
part of the ullage. Convective recirculations, in the liquid, transport heat towards the interface
between the two phases. The interface temperature is approximately the saturation temperature
corresponding to tank pressure at a given time [6]. Additionally, the heat input causes the liquid’s
bulk temperature to rise, although at a slower rate than the interface temperature does since, as
previously stated, the interface temperature rise is correlated with the rise in tank pressure via the
saturation curve. This difference in the rate of growth causes a liquid thermal stratification close
to the free-surface, whose extension grows over time, as will be better explained in Sec. 4.6.6, in a

closed self-pressurizing tank.

1 . .
iCyhnder axis
1

S

Figure 4.5: Selected computational grid for wall coupled simulations (the domain has been modeled as 2D

axisymmetric), with indication of the origin of the axisymmetric axes "r" and "y" and of the curvilinear

abscissa, "s".
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4.6.2 Uncoupled simulations: Heat flux distribution

In the case when the simulation of this test case is carried out without the wall region, the heat
flux distribution between the liquid and the ullage is not known a priori. Indeed, of the average
heat transfer rate of 2.2 W imparted to the tank, a bigger part will be absorbed from the liquid
phase, and a lower part will go into the ullage, as it will be better explained in Sec. 4.6.6. In
order to estimate the ratio between the heat flux entering the liquid phase, ¢;, and the heat flux
entering the ullage, q,, a parametric analysis has been done. In particular, the following values of
q/q = [2,4,9], and also the case in which all the heat flux enters the liquid phase (g, = 0), have
been considered. Fig. 4.7 shows the laminar pressure evolutions obtained for the different values
of q;/qy. The simulation with ¢;/g, = 4 has not been continued for the same physical time as the
others because, even from the initial instants, it is evident that the agreement with the experimental
pressurization rate is poor. The heat flux distribution between the two phases which best fits the
experimental pressurization rate is ¢;/q, = 9, to which these values correspond: ¢ = 14.2 W /m?
and g, = 1.6 W/m?. So, this distribution is used in the case when the simulation of this test case

is carried out without the wall conjugate heat transfer model.

4.6.3 Effect of the thermophysical modeling

Two different thermophysical modelings for the liquid and the ullage have been compared. In one
case, real thermophysical and transport properties for liquid and gaseous Ng, taken from the NIST
Chemistry WebBook [65] database, have been used. In the second case, the ideal gas assumption

has been made for the vapor phase, and the liquid has been modeled with the Boussinesq approxi-

1 ]6 T T T T I T I T
114
g 12
2
o=
v
7]
£ 110
108
— — — Base |
—_— — 2 x finer
Base with half spacing
106 ! T ! T T S
0 500 1000 1500
Time [s]

Figure 4.6: Grid convergence study, case without conjugate heat transfer: Numerical pressurization curves
obtained with the three grids whose details are summarized in Tab. 4.3.
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Figure 4.7: Pressure evolutions for different values of the ratio between the heat flux entering the liquid
phase, ¢q;, and the heat flux entering the ullage, q,. Results refer to wall decoupled simulations, with a
laminar model.

mation (see Sec. 3.7). Fig. 4.8 shows the experimental and numerical results of pressure evolution
(Fig. 4.8 (a)), and temperature stratification (Fig. 4.8 (b)). Numerical predictions refer to wall
decoupled laminar simulations, carried out with the two different thermophysical modelings just
exposed. Moreover, the heat flux distribution between the two phases has been chosen as explained
in Sec. 4.6.2.

Thermal stratification profiles at tank axis of symmetry, in Fig. 4.8 (b), show the value of the
ratio y/H as a function of temperature for two times, the initial time (blue curves) and after 2 h (red
curves). In the y/H expression, y represents tank vertical dimension (as can be seen in Fig. 4.5), and
H represents tank height. Moreover, dotted lines represent the saturation temperature correspond-
ing to experimental tank pressure at a given time. In addition, the interface level is represented
using a continuous black line. This level remains almost unchanged throughout the experiment
because the amount of evaporated mass is low. Since numerical simulations have been initialized at
the saturation temperature corresponding to initial tank pressure, numerical temperatures at the
initial time are uniform, differently from the experimental temperature.

The difference in the pressurization rate estimated with the two models is of about 7%, and
the temperature stratification profiles are almost the same with the two models. Instead, the
computational time reduces of about 3.25 times with the use of the ideal gas law for the vapor
phase and the Boussinesq approximation for the liquid phase. Indeed, with the latter modeling,
1.23 min are required to simulate a physical time of 1 s, using 10 CPUs. Instead, when the NIST
properties are used, a time of 4 min is needed to simulate the same physical time with the same

number of CPUs. As two-phase flow simulations are very time consuming, and given that the results
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Figure 4.8: Comparison between experimental and numerical results of (a) pressure evolution and (b)
temperature stratification at tank axis of symmetry. Numerical predictions refer to wall decoupled laminar
simulations carried out with two different thermophysical modelings (either using the NIST properties, or
modeling the gaseous No as an ideal gas and the liquid No with the Boussinesq approximation).
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obtained with the NIST model do not show high discrepancies with respect to the ones obtained
with the other modeling, it has been decided to retain, in the subsequent analyses, the modeling
made by the ideal gas law for the vapor phase and the Boussinesq approximation for the liquid

phase, in order to reduce the computational time.

4.6.4 Effect of the numerical setup

For the validation case of our interest, we have made a comparison between the results obtained
with two different setups. The first, indicated as "Setup 1", is characterized by the use of the
segregated algorithm "PISO" for pressure-velocity coupling, of the "Least Squares Cell Based"
scheme to calculate the properties’ gradients, of the "Body Force Weighted" scheme to interpolate
pressure values at the cell faces, and of a computational time step equal to 0.01 s. The second,
indicated as "Setup 2", is characterized by the use of the coupled algorithm "Coupled" for pressure-
velocity coupling, of the "Green-Gauss Cell Based" scheme to calculate the properties’ gradients,
of the "PRESTO!" scheme to interpolate pressure values at the cell faces, and of a computational
time step equal to 0.025 s.

Difference between Ansys Fluent® segregated and coupled schemes is that segregated algorithm
solves the momentum and pressure-based continuity equations separately and, being a semi-implicit
solution method, it is characterized by a relatively slow convergence, while, the coupled algorithm
solves the momentum and pressure-based continuity equations together, and allows transient phe-
nomena to be simulated with a larger time step than the previous algorithm [1].

Fig. 4.9 shows laminar results of pressure evolution (Fig. 4.9 (a)) and of temperature stratifica-
tion at tank axis of symmetry (Fig. 4.9 (b)). Experimental data are also reported in the figure for
comparison. Numerical results are presented for both "Setup 1" and "Setup 2". The simulations
have been carried out without the solid wall, with a mass transfer intensity factor equal to 0.1 1/s,
and using a heat flux distribution between the two phases such as to allow the numerical results
to fit as much as possible the experimental pressurization rate (q;/q, = 9, as seen in Sec. 4.6.2).
Numerical results show that the coupled algorithm ("Setup 2") allows to obtain results of pressuriza-
tion rate and of thermal stratification comparable to those obtained with the segregated algorithm
("Setup 1"), but with a time step 2.5 times larger than that required in the segregated algorithm.
The agreement between the experimental and numerical results of pressure evolution is even better
in the case when the coupled algorithm is used. For these reasons, the coupled algorithm has been
deemed more appropriate for such time-consuming simulations and, therefore, has been chosen for

subsequent analyses.

4.6.5 Mass transfer intensity factor parametric study

As seen in Sec. 3.3, computation of mass transfer using the Lee model lies on the choice of a
parameter, the mass transfer intensity factor, r (see Egs. (3.8) and (3.9)). Optimum value of
this parameter depends on many factors, both physical, for example the specific phase-change
phenomenon, and numerical, for example the mesh size and computational time step. This means
that, for a given combination of experimental test case and numerical setup, it has to be chosen in
order to best fit the experimental data. For this test case, a parametric study has been carried out,

using four values of this parameter, starting from 0.1 1/s, and increasing the value by a factor of 10
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Figure 4.9: Comparison between experimental and numerical results of (a) pressure evolution and (b)
temperature stratification at tank axis of symmetry. Numerical predictions refer to wall decoupled laminar
simulations, carried out with two different numerical setups.
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1/s, up to 100 1/s.
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Figure 4.10: Pressure evolutions for values of the mass transfer intensity factor from 0.1 1/s up to 100
1/s. Results refer to wall decoupled simulations, with a laminar model, and with the assumption that all
the heat flux is applied to the liquid phase.

To simplify this parametric study, wall decoupled simulations have been done, using a laminar
model, and assuming that all the heat flux was applied to the liquid phase. Fig. 4.10 shows the
self-pressurization curves obtained. It is possible to notice that pressure rise rate is insensitive to the
value of r parameter, having variations less than 1% for variations of this parameter of three orders
of magnitude. A very important issue is that, even if pressure results seem to be not influenced
by the mass transfer intensity factor value, its choice plays a role in the stability of the numerical
computation, so, for example, using a value of r equal to 1 1/s allows to run the simulation with
a higher computational time step than the one that it is possible to use with r equal to 0.1 1/s.
Finally, because the numerical results have proved not to be much affected by the value of this

parameter, an intermediate value, equal to 1 1/s, has been used for subsequent calculations.

4.6.6 Importance of the use of a conjugate heat transfer model

As it will be cleared in the following, introducing the wall region in the numerical simulation is a
fundamental aspect. Indeed, neglecting wall conduction leads to inability of numerical results to
reproduce liquid temperature stratification close to the free-surface.

For evaluating the laminar or turbulent nature of the flow, the modified Rayleigh number, Ra},

which describes the natural convection in case of uniform wall heat flux, can be used [69]:

. gp*cpBaua’

Ra,, = 2

(4.1)
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where g is the acceleration due to gravity, p is the density, ¢, is the specific heat, § is the
volumetric thermal expansion coefficient, ¢, is the uniform heat flux applied to the wall, x is the
vertical coordinate measured from the origin of the boundary layer, p is the dynamic viscosity, and
A is the thermal conductivity. The estimated maximum modified Rayleigh number, in the ullage, is
highly below the critical value for the transition from laminar to turbulent, which is equal to 10!,
Instead, the estimated maximum modified Rayleigh number, in the liquid phase (i.e. that located
in proximity of the liquid interface), resulted slightly above the critical value, so most of the fluid
in the tank is in a laminar condition.

In Fig. 4.11, laminar results of pressure evolution (Fig. 4.11 (a)) and of temperature stratifica-
tion at tank axis of symmetry (Fig. 4.11 (b)) are shown, and compared with experimental data.
Numerical results are reported for both the case in which the simulation included the wall (and a
conjugate heat transfer model was used) and the case of a simulation without the wall. In the latter
case, the heat flux distribution between the two phases has been chosen to allow the numerical
results to fit as much as possible the experimental pressurization rate, as explained in Sec. 4.6.2, i.e.
with a ratio of 9 to 1 between the heat flux entering the liquid phase and that entering the ullage.
The self-pressurization rate is overestimated by the wall coupled solution, with a percentage error
of 66.8%, so, if only the pressure result is considered, the wall decoupled solution could seem better.
However, if the temperature stratification result is also taken into account, the situation appears
different. Looking at the thermal stratification profiles at tank axis of symmetry, in Fig. 4.11 (b), it
is evident from the comparison with experimental data at 2 h, that temperature is overestimated by
the numerical results obtained both in the case with and in the case without the solid wall. However,
while the solution obtained in the case with the solid wall provides a more accurate representation
of the shape of the liquid temperature stratification close to the free-surface, the solution obtained
in the case without the solid wall demonstrates nearly uniform temperature distribution within the
liquid. The extension of the liquid temperature stratification close to the free-surface, AT, can be
quantified through the difference between the free-surface temperature and the bulk liquid temper-
ature. This quantity increases in time during self-pressurization, reaching a value of approximately
1.2 K at 2 h, both in the experiment and in the results of the simulation coupled with the solid wall.
Furthermore, in the case without the solid wall, there is a much greater overestimation of the ullage
temperature. This is due to the lack of heat conduction through the wall, which would otherwise
restrict the inflow of heat into the ullage. Indeed, calculations involving conjugate heat transfer
have revealed that the heat flux entering the liquid phase significantly exceeds that entering the
ullage.

Concerning the thermal stratification observed at the tank’s bottom in the experimental results,
neither of the numerical models manages to replicate it. However, this is not due to a deficiency of
numerical models, since, in [84], it is stated that "the apparent slight increase in temperature near
the bottom of the cell is an experimental artefact".

The reason why doing the coupled simulation with the solid wall is essential to represent liquid
temperature stratification close to the free-surface is that the wall heat flux paths play a crucial
role in the distribution of the entering heat fluxes between the liquid and the ullage. Indeed, even
if the heat flux applied, as a boundary condition, to the external surface of the tank, is constant
over the entire surface, the heat fluxes entering the liquid and vapor phases are different from each

other. This can be attributed to the variation in thermophysical properties between the liquid and
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vapor phases. In fact, the volumetric heat capacity, pcp, of liquid Ny is about three hundred times
that of vapor No, so that the latter will tend to heat up more if exposed to the same heat transfer
rate, reaching, in a short time, a higher temperature than that of the liquid. The wall temperatures
reflect the increase in temperature of the adjacent phases and, as a result, the heat coming from
the upper section of the tank, in correspondence of the ullage, is redirected towards the lower
section of the tank, by conduction. This phenomenon can be clarified by observing, in Fig. 4.12,
the wall temperatures as a function of the curvilinear abscissa, "s", at various time instants. The
curvilinear abscissa, moves tangentially to the wall, at the interface with the fluid, from the tank
axis of symmetry, and its origin is shown, for clarity, in Fig. 4.5. The wall temperature attains its
peak values at the uppermost part of the tank, undergoes a rapid decline in the lateral region of
the wall adjacent to the ullage phase, and further diminishes within the wall region adjacent to the
liquid temperature stratification close to the free-surface, eventually reaching a constant value in
the wall zone adjacent to the bulk liquid.

Due to the pronounced heat transfer from the wall in contact with the ullage to the wall in
contact with the liquid, the heat flux at the interface between the fluid and the wall experiences
a peak in proximity to the free-surface. The wall to fluid heat flux at the interface between the
fluid and the wall, as a function of the curvilinear abscissa, is shown in Fig. 4.13, for four time
instants. In correspondence of the heat flux peak, a region of high evaporation develops, which is
shown in Fig. 4.14 (a). This phenomenon had already been noticed by Stewart et al. [102], in the
numerical simulation of a liquid Hs self-pressurization test case. In the wall uncoupled simulation,
the intensity of the evaporation in this specific area, while greater in comparison to the rest of
the domain, is lower than that obtained in the wall coupled simulation (see Fig. 4.14 (b)). The
aforementioned difference between the outcomes of coupled and uncoupled simulations provides
supplementary proof of the higher heat flux that reaches the liquid in proximity of the interface, in
the case in which the wall is taken into account in the simulation.

Since, as we have shown, not modeling the wall involves neglecting important thermal phenom-
ena for the representation of the self-pressurization phenomenon, the wall coupling approach has

been retained in the following analyses.

4.6.7 Effect of turbulence modeling

From the laminar simulation with the conjugate heat transfer model, an overestimation of both the
pressure rise rate and the temperature values at 2 h has been obtained. For this reason, it is worth
investigating the effect of a turbulence model. Using the Realizable k — ¢ [98|, whose details can
be seen in Sec. 3.6.4, with Enhanced Wall Treatment [1], has resulted in an improved agreement
between the experimental and numerical pressure results (as can be seen in Fig. 4.15 (a)), lowering
the percentage error on self-pressurization rate from 66.8% to 10.2%.

Nevertheless, from temperature profiles in Fig. 4.15 (b), it is evident that liquid bulk temperature
is overestimated by a comparable extent as observed in the laminar result, and that the turbulent
model fails to represent the liquid temperature stratification close to the free-surface. The latter
aspect is due to the fact that the turbulent model produces more intense convective recirculations
than the laminar model, predicting more fluid mixing than the actual one. As a result, it is not
possible to achieve an accurate reproduction of thermal stratification.

In conclusion, it can be inferred that the turbulent model is not suitable for numerically repli-
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cating this test case. Additionally, it is worth considering the presence of another factor that might
contribute to the overestimation of the pressurization rate and temperature when using the laminar
model. In particular, this factor could be the experimental uncertainty on the entering heat transfer

rate, as will be discussed in the next section.

4.6.8 The experimental uncertainty on the entering heat transfer rate

A primary challenge in numerically simulating the self-pressurization phenomenon stems from the
uncertainty associated with the experimental data. Unfortunately, a small error in the experimental
data produces a large error in the numerical estimates. In this particular test case, the overestima-
tion of the self-pressurization rate and of the temperature by the laminar model, with the conjugate
heat transfer, might potentially arise from a disparity between the heat flux mentioned in the ex-
perimental paper and the actual heat flux. A proof of this hypothesis can be found in a calculation
made by Wang et al. [116]. They selected the experimental data from the same test case which
has been chosen in this analysis, and they used them to validate their non-equilibrium multilayer
thermodynamic model. However, they calculated the total heat transfer rate to the tank through
an enthalpy balance, using experimental temperature and pressure data, and found it to be equal
to 1.24 W, that is lower than the 2.2 W, declared in the experimental article.

In Fig. 4.16, results of pressure evolution (Fig. 4.16 (a)) and temperature stratification at tank
axis of symmetry (Fig. 4.16 (b)), obtained imposing, as boundary condition, the wall heat flux
derived by the total heat transfer rate to the tank of Wang et al. [116], are shown. Results
achieved with the old heat flux value (calculated from the experimental heat transfer rate) and the
experimental ones are also represented for comparison. Employing the lower heat flux boundary
condition results in a slight underestimation of the pressurization rate. However, the lower heat
flux boundary condition provides a more accurate representation of the actual pressurization rate
compared to the outcome obtained with the higher heat flux, indeed the percentage error is lowered
from 66.8% to 12.1%, as summarized in Tab. 4.4.

Table 4.4: Pressurization rate, percentage error, F,q, on pressure slope, and average E,o on temperature,
for laminar coupled simulations, with the heat flux values from Perez et al. [84] and Wang et al. [116].

Pressurization F,¢ on pressure Mean E,.q
rate slope on temperature
5] [ I
Experimental 8.98 - -
Perez et al. [84] qu 14.98 66.8% 0.53 %
Wang et al. [116] gy 7.90 12.1 % 0.33%

Also the liquid temperature profile at tank axis of symmetry at 2 h is reproduced with greater
accuracy with the lower heat flux value (see the mean percentage error on temperature in Tab. 4.4).
But, with the new boundary condition, both the temperature in the ullage and the extension of the
liquid temperature stratification close to the free-surface are slightly underestimated.

The case with the new boundary condition has been simulated also with a different initial con-
dition, i.e. with an initial temperature profile which is an interpolation of the initial experimental
temperature profile. Fig. 4.17 shows pressure evolutions (Fig. 4.17 (a)) and temperature stratifi-

cations (Fig. 4.17 (b)), obtained both in the case with a uniform initial temperature and in the
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case with a stratified initial temperature. Both temperature and pressure results turn out to be not
very sensitive to the initial temperature condition. The only difference is in the pressure evolution
in the first 1.5 h, which is better described with the more realistic initial condition, but the final
numerical pressurization rate is the same with both initial temperature profiles.

Since by using the new heat flux we obtain temperature and pressure values closer to the
experimental ones, but both the temperature in the ullage (at 2 h) and the pressurization rate (in
the first half hour of self-pressurization) are still underestimated, it is reasonable to deduce that
the actual incoming heat transfer rate had an intermediate value, between the experimental one
and the one calculated by Wang et al. [116]. Finally, a simulation with an intermediate value of
the entering heat transfer rate, 1.48 W, such to achieve the closest match with the experimental
pressure rise rate, has been carried out. The whole self-pressurization phase, i.e. the first 4 hours
of the experiment have been simulated, obtaining the pressure evolution and temperature profiles
shown in Fig. 4.18. Using this value of heat transfer rate, the pressurization rate in the first half
hour of self-pressurization is estimated with greater accuracy with respect to the one derived using
the heat transfer rate computed by Wang et al. [116]. As a consequence, there is less discrepancy
between experimental and numerical pressures in the remaining part of the self-pressurization phase.
Moreover, the thermal profile at 2 h exhibits a greater resemblance to the experimental counterpart
with respect to the ones obtained using both the heat transfer rate by Perez et al. [84] and the
one by Wang et al. [116]. In particular, with the intermediate heat transfer rate, temperatures
are better described in the ullage, at the interface, and under the free-surface, instead bulk liquid
temperatures are described slightly better using the heat transfer rate by Wang et al. [116]. Lastly,
employing the intermediate heat transfer rate also results in an accurately described temperature
profile at 4 h.

4.6.9 Comparison between CFD and reduced order models’ results

The in-house 0D model and the 1D model developed by NASA [20], presented in Chap. 2, can be used
to estimate both the temperature stratification and the pressure evolution of the selected validation
test case, and to compare their results with those obtained with our CFD methodology. Fig. 4.19
shows a comparison between experimental data, reduced order models’ results, and numerical results
of pressure evolution (Fig. 4.19 (a)) and temperature stratification at tank axis of symmetry at 2 h
(Fig. 4.19 (b)). Numerical predictions refer to the computation carried out with the intermediate
entering heat flux, such as to fit the experimental pressurization rate (see Sec. 4.6.8). It is evident
both in Fig. 4.19 and in Tab. 4.5 that the reduced order models are able to describe the pressure
rise rate with reasonable accuracy. Moreover, the average percentage error, E, .o, on pressure is
slightly above 2% with the 0D model, which is the reduced order model which performs worse,
hence there is a very good agreement between the reduced order models’ results and experimental
data for pressure.

As concerns the temperature, the predictive capabilities of the CFD model compared with the
reduced models are much more evident. Both the 0D and the 1D models underestimate the ullage
temperature, and are not able to represent well the temperature stratifications arising both in the
ullage and close to the free-surface. The latter aspect is more obvious for the 0D model, which
describes both the ullage and the liquid with an average temperature, but is less obvious for the 1D

model.
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Table 4.5: Comparison between CFD and reduced order model’s results: pressurization rate, and average

percentage error, E,.q, on pressure.

Pressurization rate Mean FE,¢ on pressure

[kPa/h] [-]

Experimental 8.98 -
CFD 9.36 1.4%
1D 9.88 0.82%
0D 9.79 2.11%
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Figure 4.11: Comparison between experimental and numerical results of (a) pressure evolution and (b)
temperature stratification at tank axis of symmetry. Numerical predictions refer to laminar simulations with
and without wall coupling.
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Figure 4.12: Laminar, wall coupled predictions of wall temperatures at the interface with the fluid, as a
function of the curvilinear abscissa, for three time instants.
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Figure 4.13: Laminar, wall coupled predictions of wall to fluid heat flux, as a function of the curvilinear
abscissa, for four time instants.

80



4.6. Results

Mass Transfer

0.32
03

0.28
0.26
0.24
0.22
0.2

0.18
0.16
0.14
0.12
0.1

0.08
0.06
0.04
0.02

‘3mm

(a) (b)

3 mm

Mass Transfer

L BEERENS |

0.32
0.3

0.28
0.26
0.24
0.22
0.2

0.18
0.16
0.14
0.12
0.1

0.08
0.06
0.04
0.02

Figure 4.14: Contour of mass transfer (i.e. the mass source term in Eq. (3.4)) at 2 h, for (a) the laminar
simulation, coupled with the solid wall, (b) the laminar simulation, not coupled with the solid wall. Zoom

of a tank region near the free-surface (red line).

81



4.6. Results

140 1 ]
135 E
130 |- ]
: i
=) B ’A/A{
= 25| LA S
o 7
s 0 a7 ]
% B A A/‘/ 1
2 120p R -
i at 7 -
L A /-/ |
115 £° - B
| N ‘/' ]
-7 - A Expctrimental i
110 £ 2 —— Laminar —
- A —_——— Realizable k-¢ ]
VA [ | [ R R
0 0.5 1 1.5 2
Time [h]
(a)
1 T '
O
_//;ﬁ/
'/
0.8+ 1
0.6 + 1
o=
E Laminar, 0 h
04 Laminar, 2 h
EITAA I Realizable k-¢, 0 h |
————— Realizable k-¢, 2 h
- = = Lsat, 0 h
02 | - = = Lsaty 2 h b
A Exp,0h
A Exp,2h
Interface level
0 ' '
-196 -192 -190 -188

Temperature [°C]

Figure 4.15: Comparison between experimental and numerical results of (a) pressure evolution and (b)
temperature stratification at tank axis of symmetry. Numerical predictions refer to wall coupled simulations
with a laminar and with a turbulence model.
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simulations, with the heat flux values from Perez et al. [84] and from Wang et al. [116].
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Chapter 5
Active-pressurization of a liquid No tank

In this chapter, the CFD results of a ground-based active-pressurization experiment, inside a liquid
Ns tank [72], are presented. The selected test case differs from the one presented in the previous
chapter for the type of operating condition (active-pressurization instead of self-pressurization) and
for the boundary conditions (there is no longer a heat flux applied on all the external walls in
this case). This active-pressurization experiment has been chosen for the validation because of the
accuracy of the initial and boundary conditions provided in |[72]. Previous numerical studies have
not emphasized the effect that particular numerical modeling choices regarding the phenomenon
of active-pressurization have on the results. Instead, in this study, the reason why some modeling
choices (for example a gradual termination of the pressurant gas injection) have a positive impact
on the reliability of the results is explained. The goal of this validation is to define a numerical
methodology able to describe the main thermo-fluid-dynamics phenomena occurring in an actively
pressurized cryogenic tank, without propellant expulsion, in the case when the pressurant gas is of
the same chemical species as the propellant. In particular, the proper numerical methodology is
defined comparing the experimental data of the selected validation experiment with the numerical
ones obtained with various numerical models.

Ludwig et al. [72] already carried out simulations of their own experiment, obtaining an active-
pressurization rate highly consistent with the experimental one. However, they largely overpredicted
the pressure decrease at the end of active-pressurization. Instead, with our methodology, a high
fidelity reproduction of both the active-pressurization rate and of the pressure decrease after the
end of gas injection is obtained.

This chapter is organized as follows. First, a literature survey on the active-pressurization
phenomenon is presented. Later, the chosen validation experiment and the used thermophysical
and transport properties are described. Then, the computational setup and the results of grid
convergence study are presented. Next, the problem of the uncertainty of the experimental data
and of its influence on numerical results is discussed. Then, a comparison is shown between the
experimental results and the numerical ones obtained varying the flow regime (laminar or turbulent)
and the modeling setup (effect of various turbulence models, of the profile of the pressurant gas
mass flow rate, etc.). Finally, a comparison between CFD results and results obtained with the 0D

model, presented in Chap. 2, is made.
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5.1 Active-pressurization literature survey

Active-pressurization is commonly carried out in cryogenic propellant tanks for rockets and satellites
for multiple reasons. Among these, there is the need to subcool the propellant, in order to suppress
bulk boiling; to produce propellant expulsion during the engine operation; and, sometimes, to
stiffen the structure of the tank. Moreover, during turbopump-fed rocket engine operation, tank
pressurization is essential to provide pressurized fuel and oxidizer to the turbopumps, to prevent
cavitation.

Active-pressurization is commonly achieved through the injection of a pressurant gas directly
into the ullage, by the use of a diffuser. The pressurant gas can come from a pressurant supply
tank or, otherwise, pressurization can be autogenous. In the latter case, pressurization is done by
removing a small amount of liquid from the tank, heating it until it becomes gaseous, and then
using it to pressurize the tank.

Interest in minimizing the pressurant mass requirements originates from the desire to decrease
the dimension and number of pressurant supply tanks, in order to reduce the mass of the vehicle.
Earlier experimental tests and computational investigations have revealed the influence of several
factors on the pressurant gas requirement: the inlet gas temperature [103-106, 115], the diffuser
design [105, 106, 115], the heat and mass transfer at the liquid-ullage interface [79], the pressurant
gas species [113], and the tank wall thickness [115]. Predicting the pressurant mass requirement is
crucial in defining cryogenic propulsion systems, and it is a complex task. This complexity derives
from the thermo-fluid-dynamics processes characterizing these systems, among which the prevalent
are linked to the heat transfer between the ullage and the tank wall and the heat and mass transfer
between the ullage and the liquid.

In the 1960s and 1970s, the first experimental investigations of the active-pressurization phe-
nomenon in cryogenic tanks in normal gravity were carried out at NASA. In particular, the problem
of tank pressurization during propellant expulsion was widely investigated. For example, in [32, 91|,
ten liquid Hy discharge experiments, using ambient temperature Ho or He as pressurant gas, were
conducted. Tests varying the liquid outflow rate and the tank pressure were carried out. During the
experiments the gas was continually supplied, in order to keep the ullage pressure, and, thus, the
propellant outflow rate, constant. Between 1969 and 1970, four experimental studies, regarding the
active-pressurization during liquid Hs expulsion, from two spherical tanks of different dimensions,
pressurized either with gaseous Ha [105, 106], or with gaseous He [103, 104], were performed. The
related experimental results showed that the parameters having a strong influence on the pressurant
gas requirements are the inlet gas temperature, the diffuser geometry, and the tank pressure level.

In the literature, there are also experimental results regarding the active-pressurization of cryo-
genic tanks without propellant expulsion. For example, three active-pressurization experiments in a
liquid Hs tank, pressurized either with gaseous Ho or with gaseous He, at about room temperature
were carried out in [79]. During the test procedure, pressurization was done rapidly, and, then,
the desired target pressure was held constant. Results showed that the condensation at the liquid-
ullage interface creates a substantial heat transfer to the liquid, which must be taken into account
in stratification studies. Moreover, in [79], it was stated that the effect of the mass transfer on the
pressurant requirement estimation has to be considered, while the effect of the heat transfer at the

liquid-ullage interface can, probably, be neglected.
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Besides experimental studies, CFD analyses are a valid tool for the study of active-pressurization
inside cryogenic tanks, as they allow both to reduce the costs associated with complex experiments,
and to speed up the design process of the active-pressurization system. In various studies presented
in the literature, a numerical methodology is proposed and validated with available experimental
results. For example, in [94], a numerical model, which combines a weakly compressible multi-
phase solver, based on the VOF method, with a suitable phase change model, was developed.
Moreover, it was validated with both two analytical solutions and with the data of a cryogenic
active-pressurization experiment |72]. In the last case, the use of the turbulence SST k — w model
did not influence the quality of the results during the active-pressurization phase, but had a negative
effect on the simulation of the remaining part of the experiment. In [101], a numerical methodology,
based on the Eulerian Multiphase model, combined with a subgrid model, was presented. The sub-
grid model was used to solve the Schrage equation for the mass transfer and the 1D heat equation at
the interface. This methodology was used to simulate an active-pressurization experiment, in which
liquid Hy was pressurized with gaseous Hy at high temperature. In [16], a liquid Ny autogenous
pressurization experiment was simulated, using different multiphase models, flow regimes, and en-
abling or not the phase change. Results showed that the setup characterized by the Sharp Interface
model and laminar model, with the phase change activated, best matched the experimental data.

Also the problem of pressurization during propellant expulsion has been thoroughly examined
through CFD. Wang et al. [113-115] presented three CFD studies on this topic. In all cases,
their methodology was validated using experimental data from [91|. In [114], they dealt with the
thermal and pressurization behavior of a liquid O2 tank, pressurized with gaseous He. Moreover,
they modeled the outside aerodynamic heating, and considered the fluid and tank wall regions, as
well as the external insulation layer, which was made of foam. In [113| and [115], the same liquid
Hs tank, pressurized with either gaseous Hy or gaseous He, was considered. In particular, in [113],
they highlighted the superior pressurization performance of gaseous Hs compared to gaseous He,
due to its higher specific heat. While, in [115], they analyzed the impact on pressurization behavior
of various parameters, among which the inlet gas temperature, the wall thickness, the outflow rate,
and the diffuser structure.

Several additional CFD investigations documented in the literature did not concentrate on repli-
cating specific experimental test cases, rather, they aimed to simulate relevant operational condi-
tions. For example, in [67], the active-pressurization during atmospheric flight and the pressurized
discharge during the orbit flight were simulated in a final stage liquid Os tank. The tank was pres-
surized with high temperature gaseous O2. The VOF model was used, mass transfer was considered
using Lee model, and the low-Re k — ¢ turbulence model was selected. Moreover, both aerodynamic
heat and space solar radiation were imposed as boundary conditions. Their numerical methodology
had been validated in previous works, using data from [91]. Numerical results showed ullage mass
condensation during the active-pressurization phase. Later, they simulated the active-pressurization
during the pre-launch phase [68], in the same tank as in [67], with the same propellant and pres-
surant gas. They employed a similar setup as before but, this time, adopted the standard k& — ¢
turbulence model. They took into account the external forced convection heat exchange, and con-
sidered the effect of different environmental temperatures. Numerical results showed condensation
during the whole pressurization.

Finally, many reduced order models have been developed over the years to simulate tank opera-
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tions. An example is the 1D model developed, in [91], to simulate the problem of tank pressurization
during propellant expulsion, in a cylindrical tank. This model was validated against the results of
nineteen liquid Hy experiments, taken from both [32] and [4], characterized by a variation of the

following parameters: tank pressures, outlet flow rates, and pressurizing gases.

5.2 Test case description

The selected validation experiment is a ground-based active-pressurization experiment, performed
in a liquid Ny tank [72|. Throughout the experimental procedure, the test tank was placed in a
vacuum casing, for better insulating it from the external environment. The experiment was carried
out in two phases. During the first phase, whose duration, t,,¢ss, was of 60.7 s, gaseous Np was
injected directly in the ullage, through the use of a radial diffuser, until a target pressure of 300
kPa was reached. Hence, in this test, the pressurant gas was of the same species as the propellant.
Then, the tank inlet valve was closed and the second phase, which lasted 152.3 s, was characterized
by a pressure decrease, until pressure reached a constant value, and the experiment was completed.
According to the data provided in [72], the simulated tank is cylindrical, with a round shaped
bottom. Fig. 5.1 shows a scheme of the tank, together with its characteristic dimensions. The
liquid-ullage interface is set at a height, Hj, of 0.445 m; the height of the ullage, H,, is 0.205 m;

and the tank inner radius, R, is 0.148 m.

tq = 0.006 m| “
T13 P~
°T12 |
*TI1T ' T7
_ i Hv =0.205 m
t, =(0.002 m :
w ull:age -
fe L E
i T3 A
! T2
R=0.148 m | -
liguid
; H,=0.445m
i/
TS
v

Figure 5.1: Tank scheme with the indication of the origin of the axisymmetric axes "r" and "z", of the
tank characteristic dimensions, and of the position of the temperature probes (T1 to T14).

The wall thickness, t,,, is 1.5 mm in the top third of the tank and 2 mm below. In the numerical

analysis, a thickness of 2 mm is used for all the tank wall, after verifying, as we will see in Sec. 5.6.2,
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that using a thickness of 1.5 mm produces approximately equal results. Instead, the lid, is modeled
with a thickness, ¢;;4, of 6 mm, which has been chosen approximately, looking at a tank schematics
in 72|, because this data lacked in [72]. Initial pressure for the selected experiment is 104.2 kPa.
Before the beginning of pressurization, the tank ullage is filled only with evaporated No. When
the experiment is started, relatively hot gaseous Ns, characterized by a temperature of 352 K, is
injected with a constant mass flow rate of 8.3 - 10~% kg/s. During the experiment, temperature is

measured by numerous probes, whose locations are specified in Tab. 5.1, and indicated in Fig. 5.1.

Table 5.1: Locations of the experimental temperature probes.

Probe TI1 T2 T3 T4 Tb T6 T7

r|m|] 0.098 0.098 0.098 0.098 0.098 0.098 0.098
z |m| 0.33 0.43 0.44 0.45 0.46 0.51 0.61

Probe T8 T9 T10 T11 T12 T13 T14

rm|] 0.098 -0.148 -0.148 -0.148 -0.148 -0.098 0.0063
z |m| 0.11 0.45 0.46 0.625  0.63 0.65 0.644

5.3 Thermophysical and transport properties

Liquid phase density is modeled with the Boussinesq approximation (see Sec. 3.7), so it is left
constant in the governing equations, except in the buoyancy force term in the momentum equation,
where density variation is written as a linear function of temperature. As the liquid Ny phase
does not experience large temperature variations throughout the duration of the experiment, its
thermophysical and transport properties have been left constant, and they have been extracted
from the NIST Chemistry WebBook [65] database, at the average experimental temperature and
pressure. During the experiment, the injection of pressurant gas, at a relatively high temperature,
leads to a noticeable increase in temperature for both the ullage and the wall. For this reason,
temperature varying properties are used for them. In particular, the ideal gas equation of state is
used to model the gaseous Ny density, and the Sutherland’s law [110], whose details can be seen in
Sec. 3.7, is used to model its viscosity and thermal conductivity. Whereas, gaseous Ny specific heat
is modeled with a piecewise linear approximation of the data taken from the NIST database, at the
average experimental pressure. The wall material considered is, in agreement with the experiment
[72], stainless steel. Because the precise indication of the type of stainless steel was missing in 72|,
AISI 316 SS has been chosen, as it is sometimes used for cryogenic tank structures. However, if
we had considered another type of stainless steel, the properties would have changed only slightly.
The wall specific heat and thermal conductivity are modeled with a piecewise linear approximation
of the temperature dependent data, taken from the NIST database for solid materials at cryogenic
temperatures [53]. Instead, the wall density is modeled as constant, and equal to 8053.7 kg. All
constant liquid properties are listed in Tab. 5.2.

It is clear from Eqgs. (3.8) and (3.9), in Sec. 3.3, that an accurate representation of the saturation

line is fundamental for a precise calculation of phase change mass transfer. In our simulations, NIST
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Table 5.2: Constant physical properties for the liquid Ng, taken from [65].

p A Cp [
[kg/m’| [W/(m - K)|] [J/(kg-K)] [Pa s
Liquid phase  804.14 0.144 2042.5 1.579-107

data have been used for a piecewise linear representation of the Ny saturation line. Moreover, a
constant value of the surface tension coefficient, equal to 0.0072183 N/m, is used. A standard state
enthalpy of -1.211 -107 J /kmol and of 0 J/kmol, both at the reference temperature of 298.15 K, are
used for the liquid N9 and for the gaseous Ng, respectively. These values have been retrieved from
[73]. Moreover, a liquid volumetric thermal expansion coefficient of 0.0057 1/K is used, which has
been computed from NIST data, using Eq. (3.60) of Sec. 3.7.

5.4 Computational setup

Transient simulations have been carried out using the pressure-based solver of the commercial
CFD software Ansys Fluent® [1]. The flow is modeled as 2D axisymmetric, which is a reasonable
assumption for the given geometry and boundary conditions. A second order implicit time scheme
is used for time discretization. After preliminary convergence studies, time steps of 1072 s and of
5-1073 s, for turbulent and laminar analyses, respectively, have been selected. The Courant number
is set to 0.5. These parameters have been selected appropriately, by making a trade-off between
computational cost and numerical accuracy. Second order upwind schemes are used for spatial
discretization of the convective terms in density, momentum, energy, and turbulence equations, and
Ansys Fluent®’s "Compressive" scheme [1] is selected for the volume fraction equation, with the
selection of the sharp interface regime modeling. "PRESTO!" scheme [1] is used to interpolate
pressure values at the cell faces. "Coupled" scheme [1] is used as pressure-velocity coupling scheme.
Green-Gauss cell based scheme is used to calculate the properties’ gradients, which are necessary
to discretize the convection and diffusion terms in the flow governing equations.

The boundary conditions imposed in simulations, represented in Fig. 5.2, are the following: all
the tank external surfaces (except the lid’s ones) are set as adiabatic walls, indeed, the heat flux
on that walls can be neglected due to the short duration of the experiment and to the insulation
provided by the presence of the vacuum casing; a temperature of 280 K is imposed on the lid
exterior surfaces, as suggested in [72[; and the interfaces between the fluid and the wall are set as
no-slip coupled walls with a contact angle of 90°. Moreover, since the tank was equipped with a
radial diffuser, a uniform and normal to the inlet surface mass flow rate, 12,4, is imposed at the
diffuser inlet surface, during the active-pressurization phase. After that phase, an adiabatic wall
boundary condition is imposed on that surface. The temperature of the pressurant gas is modeled as
an interpolation of the experimental gas temperature, measured at the probe located immediately
downstream of the diffuser. This probe is the T14, as indicated in Fig. 5.1. It is important to
highlight that the actual inlet gas temperature was lower than the one measured upstream of the
connecting pipe between the inlet valve and the diffuser (which was equal to 352 K).

The liquid and vapor phases are initialized as quiescent, at a pressure of 104.2 kPa. The liquid
and the wall in contact with the liquid are initialized at a temperature of 77 K. A piecewise linear fit

of the temperatures measured by the probes at the beginning of the experiment is used as the initial
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condition for the ullage and for the wall in contact with the ullage. Finally, the lid is initialized
using a linear stratification between the temperatures of its lower surface and of its upper surface,
which were 278 K and 280 K, respectively, as stated in [72].

For the validation test case under consideration both the laminar and the turbulent modeling
have been considered. In particular, three turbulence models have been tested: the Realizable k — ¢
[98] with Enhanced Wall Treatment [1], the SST k — w of Menter [74], and the SST k — w with
low-Re corrections [1]|. Differently from the Standard k — e model, the Realizable k — ¢ model (see
Sec. 3.6.4) uses an improved dissipation rate equation, and this model is "realizable" in the sense
that it satisfies certain mathematical constraints (the positivity of normal Reynolds stresses and
Schwarz’ inequality for turbulent shear stresses) consistent with the physics of turbulent flows. The

SST k — w model of Menter [74]|, whose details are given in Sec. 3.6.3, combines the advantages
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Figure 5.2: Selected computational grid (the domain has been modeled as 2D axisymmetric), with indica-
tion of the boundary conditions used in simulations. Different colors than that in the fluid region are used
to color the wall (orange) and lid (light blue) grids. In the right half of the figure, a zoom of the grid in
proximity of the diffuser and a zoom of the grid in the round shaped bottom section of the tank are shown.

93



5.5. Grid convergence study

of the standard k£ — w model of Wilcox [119] and of the k — ¢ model. Moreover, it accounts for
the transport of the turbulent shear stress in the definition of the turbulent viscosity. In the case
when the low-Re corrections are included in the SST k — w model, the accuracy in predicting low

Reynolds number flows is improved.

5.5 Grid convergence study

A grid convergence study with four grids characterized by an increasing level of spatial accuracy has
been carried out. The used grids are structured and their details, together with the time average
of the percentage error, E,q, on pressure of the various grid levels with respect to the finest grid,
"Grid 4", are reported in Tab. 5.3.

Table 5.3: Details of the computational grids used for grid independence study and time average of the
percentage error, F, ¢, on pressure of the various grid levels with reference to the finest grid, "Grid 4".

No. of cells Wall-Interface spacing FE,q w.r.t. Grid 4

8 [mm] [%]
Grid 1 2443 0.6 2.2
Grid 2 7690 0.6 2.5
Grid 3 31649 0.3 1.2
Grid 4 68294 0.2 ]

Pressure evolutions obtained with the four grid levels are shown in Fig. 5.3. The grid levels from
"Grid 2" to "Grid 4" are in the asymptotic range of convergence (being the average percentage
error of "Grid 2" with respect to "Grid 3" of 1.3% and the one of "Grid 3" with respect to "Grid
4" of 1.2%). Instead, the coarsest grid, "Grid 1", produces results outside the range of asymptotic
convergence, for this reason it has been discarded. As the results obtained with the "Grid 2" show
a limited discrepancy with respect to the ones obtained with the finest grid (the average percentage
error between the two is of 2.5%, as can be seen in Tab. 5.3), it has been selected for subsequent
analyses, in order to reduce the computational cost. The selected computational grid is represented
in Fig. 5.2. In the right half of the figure, a zoom of the grid in proximity of the diffuser and a
zoom of the grid in the round shaped bottom section of the tank are shown, too. The characteristic
average cell size of the "Grid 2" is of 4 mm and of 2 mm, in the fluid regions and in the wall region,

respectively.

5.6 Results

5.6.1 The experimental uncertainty

An inconsistency can be observed by examining the experimental data relative to the initial con-
dition. Specifically, if the initial ullage mass is computed using the experimental data (pressure of
104.2 kPa, ullage volume, and temperature reconstructed with a piecewise linear fit of the initial
measures of the temperature probes), it is found to be equal to 32.8 g. Whereas, in [72], it is stated
to be practically equal to 35 g. Although this difference of about two grams might seem insignif-
icant, in reality, a good representation of the initial vapor mass is crucial to obtain an accurate

estimate of the pressurization rate, as it will be clear in the subsequent discussion. The influence of
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Figure 5.3: Numerical pressurization curves obtained with the four grids used for grid independence study.
The characteristics of the used grids are summarized in Tab. 5.3.

the initial ullage mass value on the pressurization rate implies that this mass has to be accurately
quantified by experimental measures, in order to allow accurate CFD analyses. The error in the
calculation of the initial vapor mass made using experimental data is related to the uncertainties in
the experimental measurements of pressure, temperature, and fill level. However, comprehending
how to simultaneously vary all these parameters in order to reconstruct the initial vapor mass is
a complex task. In this study, it has been decided to change only the ullage volume, in order to
obtain an initial ullage mass of 35 g. In particular, the ullage volume has been incremented by 3.4%,
by increasing its height by 7 mm, from 0.205 m to 0.212 m. Indeed, adjusting the ullage volume
results in a change of negligible amount with respect to the overall size of the tank, and that does
not impact the thermodynamic characteristics of the system. In this study, it has been done by
adding a vapor layer, having the height of 7 mm, above the liquid-ullage interface, and initializing
it at the same temperature of the liquid.

Pressure evolutions obtained both with the nominal and with the incremented initial ullage
volume are shown in Fig. 5.4, together with the corresponding experimental measures. These
numerical results have been obtained with the SST k —w with low-Re corrections turbulence model.
Being the active-pressurization a rapid mainly mechanical process, only slightly impacted by the heat
transfer, it is evident that the pressurant gas injection is more effective (higher pressurization rate)
in the case where the ullage contains less mass at the initial instant (case with the nominal ullage
volume). The use of the increased vapor volume allows to better represent the active-pressurization
phase and, consequently, to start the study of the subsequent pressure decrease phase from a more

realistic condition. Therefore, this method has been maintained in all the subsequent analyses.
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5.6.2 Effect of the wall thickness

The experimental tank had a wall thickness, t,,, of 1.5 mm in the top third and of 2 mm below,
as reported in [72]. Since there were no details on how the transition between one part and the
other of the wall was made, and in order to simplify the analysis, it has been decided to assign
a single thickness to the wall. In Fig. 5.5, a comparison between the experimental and numerical
pressure evolutions obtained with an uniform wall thickness, t,,, equal either to 1.5 mm or to 2 mm,
is shown. Numerical predictions have been obtained with the SST k& — w with low-Re corrections
turbulence model. The ullage temperatures and the liquid temperatures, relative to the same
analyses, are presented in Fig. 5.6 (left) and in Fig. 5.6 (right), respectively. Given that the results
of both pressure and temperature obtained with the two values of wall thickness exhibit negligible
discrepancies between them, in our numerical analysis, we have retained the value of 2 mm for all
the tank wall thickness.

5.6.3 Numerical modeling of the pressurant gas injection

The experiment starts with an active-pressurization phase, which lasts 60.7 s, during which the
pressurant gas is injected with a constant mass flow rate, 72,4, of 8.3 - 10~% kg/s. After this phase,
the gas injection is stopped, and a pressure decrease phase begins. The modeling of the final instants
of the pressurant gas injection requires some attention from a numerical standpoint, to avoid having
unphysical results. Indeed, if the pressurant gas injection is stopped instantaneously (changing the
boundary condition at the inlet surface of the diffuser from mass flow inlet to no-slip wall at
60.7 s), an unphysical temperature decrease occurs in proximity of the diffuser, as well as at the

axisymmetric boundary, i.e., at the tank axis. This phenomenon is observable in Fig. 5.7, showing
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Figure 5.4: Comparison between experimental and numerical results of pressure evolution. Numerical
predictions have been obtained with the SST k£ — w with low-Re corrections turbulence model, both for the
case with the nominal ullage volume from [72], and for the case with the ullage volume incremented by 3.4%
(in order to fit the initial ullage mass of the experiment).
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temperature contours, obtained with the SST k — w with low-Re corrections turbulence model, at

two time instants, one (figure on the left) just before the end of pressurant gas injection, precisely
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Figure 5.5: Comparison between experimental
thickness, t,,, equal either to 1.5 mm or to 2 mm.
k — w with low-Re corrections turbulence model.
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Figure 5.6: Comparison between experimental and numerical results of ullage temperatures (left) and
liquid temperatures (right). Numerical predictions have been obtained with the SST k& — w with low-Re
corrections turbulence model, and using a wall thickness, t,,, equal either to 1.5 mm or to 2 mm.
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at 60 s, and the other (figures on the right) just after the end of pressurant gas injection, precisely
at 62 s. The temperature contours at 62 s are shown both for the case in which the pressurant gas
injection is stopped instantaneously at 60.7 s, and for the case in which the pressurant gas injection

shutdown is modeled with a linear decrease. In addition, the same behavior observed in Fig. 5.7 is
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Figure 5.7: Temperature contours, obtained with the SST k — w with low-Re corrections turbulence
model, in the upper part of the tank, at a few time instants before (left) and after (right) the end of
the pressurant gas injection. Contours are shown both for the case in which the pressurant gas injection is
stopped instantaneously at 60.7 s, and for the case in which the pressurant gas injection shutdown is modeled
with a linear decrease. The liquid-ullage interface is indicated with a white line.

visible also when using the laminar model, as shown in Fig. 5.8.

Do not stopping the pressurant gas injection instantly is a more credible modeling because, in
the actual experiment, it is expected that, when the valve regulating the pressurant gas injection is
closed, the mass input does not end instantaneously. In the numerical analysis, this effect has been
taken into account by modeling the pressurant gas mass flow rate with a profile characterized by a
constant value, equal to 8.44 - 104 kg/s, for 58.7 s, and by a linear decrease during the last two
seconds of active-pressurization. The initial constant value of the mass flow rate has been selected to
ensure that the total pressurant gas mass injected into the tank remains equal to the experimental
one. However, the profile used for the pressurant gas mass flow rate is an approximation of the real
valve shutdown behavior, which is not provided in the experimental data.

If the pressure evolutions obtained using either a constant value for the mass flow rate, which

is instantaneously stopped at 60.7 s, or the aforementioned profile are compared (see Fig. 5.9), no
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relevant differences between them can be noticed. The only discrepancies are the slightly higher
pressurization rate, the smoothing of the pressure peak, and its slight anticipation, in the case when
the profile for the pressurant gas mass flow rate is used. The use of the tested turbulence model,
namely the SST k — w with low-Re corrections, together with the selected more realistic model for
the pressurant gas injection shutdown, allow to reproduce the experimental pressure evolution with
high accuracy during both the active-pressurization phase and the pressure decrease phase.

In Fig. 5.10, a comparison between experimental and numerical results of the ullage temperature,
at probe T14 (left), and liquid temperatures, at various positions where the experimental probes
are located (right), is presented. The reader can refer to Tab. 5.1 and Fig. 5.1 for the locations of
the experimental temperature probes. Numerical results are shown both for the case in which the
pressurant gas mass flow rate is modeled as constant, and for the case in which a profile is used.
In both cases, the SST k — w with low-Re corrections turbulence model has been used. The time
evolution of the numerical temperature at the probe T14, which is the one located immediately
downstream of the inlet surface of the diffuser, shows that, when the pressurant gas injection is
stopped instantaneously, a downward peak develops at the end of active-pressurization. However,
this figure confirms that this numerical effect is corrected by the use of a smooth profile for the
mass flow rate. But, even when the smooth profile is used, a mismatch between experimental and

numerical T14 temperature values is created at the moment when the pressurant gas injection is
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Figure 5.8: Temperature contours, obtained with the laminar model, in the upper part of the tank, at a
few time instants before (left) and after (right) the end of the pressurant gas injection. The temperature
contours at 62 s are shown both for the case in which the pressurant gas injection is stopped instantaneously
at 60.7 s, and for the case in which the pressurant gas injection shutdown is modeled with a linear decrease.
The liquid-ullage interface is indicated with a white line.
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stopped. The trends of the liquid temperature profiles follow the experimental data with reasonable
accuracy, with the highest discrepancies found for the temperatures at the probe T3, which, among
the probes located inside the liquid, is the closest to the interface and at the underlying probe T2.
Liquid bulk temperature remains approximately constant, and equal in T1 and T8 probes, both in
the simulations and in the experiment. So, the temperature at probe T8 has not been shown for
visual clarity. Moreover, the use of the profile for the pressurant gas mass flow rate corrects the
aforementioned unphysical numerical effect, and does not alter the numerical temperature results
from those obtained when the pressurant gas injection is arrested instantly. This is valid for both
the ullage temperatures (see Fig. 5.11 (left)) and the wall temperatures (see Fig. 5.11 (right)).
The phase change mass flow rate (see Fig. 5.12), obtained as the volume integral of the source
terms of Eq. (3.4) in Sec. 3.2, shows that both the models for the pressurant gas injection predict
condensation during the whole experiment, apart from an evaporation spike in the initial instants.
Indeed, from the right hand side of Eq. (3.4), it is visible that the phase change is positive if
evaporation is greater than condensation, and negative otherwise. The obtained phase change
result agrees with the analytical estimation made in [72], using the experimental data. Finally, it
is apparent in Fig. 5.12 that, in the case when the pressurant gas injection is stopped instantly, an
unphysical spike forms in the phase change mass flow rate. This effect is again corrected with the

use of a smooth profile for the mass flow rate.

5.6.4 Effect of turbulence modeling

If the numerical results are used to estimate the Rayleigh number in proximity of the liquid-ullage
interface, as its estimation with the experimental data is impracticable, it turns out to be of the

order of 10'', so highly above the critical value, both during the active-pressurization phase and
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Figure 5.9: Comparison between experimental and numerical results of pressure evolution. A zoom of the
pressure peak is shown in the bottom right corner of the figure. Numerical predictions have been obtained
either by modeling the pressurant gas mass flow rate as constant, or by modeling it with a profile.
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Figure 5.10: Comparison between experimental and numerical results of ullage temperature, at probe
T14 (left) and liquid temperatures, at various positions where the experimental probes are located (right).
Numerical results refer to simulations carried out with the SST k£ — w with low-Re corrections turbulence
model, in which the pressurant gas mass flow rate is modeled either as constant, or with a profile.
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Figure 5.11: Comparison between experimental and numerical results of ullage temperatures (left) and
wall temperatures (right), at various positions where the experimental probes are located. Numerical results
refer to simulations carried out with the SST k — w with low-Re corrections turbulence model, in which the
pressurant gas mass flow rate is modeled either as constant, or with a profile.
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Figure 5.12: Phase change mass flow rate for the cases with the pressurant gas mass flow rate modeled
either as constant, or with a profile.

during the pressure decrease phase, where the Rayleigh number is even higher. Indeed, the critical
Rayleigh number for the transition from laminar to turbulent in a free convection boundary layer
on a vertical plate is approximately equal to 10° [41].

In this study, three different turbulence models have been tested: the Realizable k — ¢ [98] with
Enhanced Wall Treatment [1]|, the SST k& — w [74], and the SST k — w with low-Re corrections
[1]. However, in order to consider the possible inadequacy of the Rayleigh number to establish
whether the flow is laminar or turbulent in a problem of this complexity, it is considered useful
to compare the results obtained with these three turbulence models with the ones obtained with
the laminar model. In particular, a comparison between the experimental pressure evolution and
the numerical ones is shown in Fig. 5.13. The percentage error between the experimental active-
pressurization rate and its laminar estimation is equal to 6.5%. On the contrary, it is evident that
all the turbulent models describe the active-pressurization rate with higher accuracy with respect to
the laminar one, allowing to better describe the pressure peak, as can be seen in the zoom presented
in Fig. 5.13. In the laminar case, beginning the simulation of the pressure decrease phase with a
higher pressure value causes a shift between the experimental and numerical pressure measurements
for all the remaining part of the test. This shift is slightly lower than 19 kPa at the end of the test.
Instead, the use of the SST k — w with low-Re corrections model allows the best replication of the
experimental values during the pressure decrease part of the test. While, both the Realizable k — ¢
with Enhanced Wall Treatment and the SST k — w models show an overestimation of the pressure
decrease rate in the last 100 s.

In terms of temperature evolutions in the fluid and at the wall, laminar and turbulent models
produce similar results, as shown in Figs. 5.14 and 5.15, respectively.

An exception is the temperature at the probe T7 estimated by the Realizable k—e with Enhanced
Wall Treatment model, which, with respect to the other models, fits better with experimental data

during the active-pressurization phase, and fits worse with experimental data during the pressure
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decrease phase. Another exception is the deviation between the laminar and turbulent estimations
of the temperature at T2. This last is better described by the laminar model. Indeed, the turbulent
models, due to their tendency to overestimate the convective recirculations, are worse in predicting
the temperature stratification developing under the liquid-ullage interface, as we had already noticed
in Sec. 4.6.7.

Fig. 5.15 shows a satisfactory agreement between the experimental wall temperatures and the
numerical ones calculated both with the laminar and with the tested turbulence models.

Even if some discrepancies between the numerical and the experimental local fluid temperature
values are present, as seen in Fig. 5.14, if the temperature stratification at a time instant when these
discrepancies are high, for example 200 s, is plotted (see Fig. 5.16), it is evident that the thermal
behavior of the tank is described with reasonable accuracy by both the laminar and the turbulent
models. The temperature stratification profile has been extracted at the tank radial coordinate
corresponding to the one where the rake with the temperature probes from T1 to T8 is located.
Moreover, the results have shown that the variations arising from modeling the flow as either laminar
or turbulent are more noticeable in pressure outcomes compared to temperature outcomes.

Now, it is interesting to examine the representation of the wall to fluid heat fluxes over the
tank axial coordinate, "z", in Fig. 5.17, at 60 s (left) and 200 s (right). The figure at 60 s shows
the wall to fluid heat flux during the active-pressurization. During this phase, a high temperature
pressurant gas is injected into the ullage, causing a relatively high heat flux being transferred from
the ullage to the wall adjacent to it. Wall thermal conduction, in the vertical direction, causes the
transfer of a portion of this heat to the lower part of the tank, and the heating of the wall region
located immediately below the liquid-ullage interface. This wall region, in turn, heats the liquid
layers adjacent to it, as it is proven by the high heat flux value below the liquid-ullage interface

(Fig. 5.17), and by the thermal stratification developing under the liquid-ullage interface (Fig. 5.16).
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Figure 5.13: Comparison between experimental and numerical results of pressure evolution. Numerical
predictions are shown both for the laminar analysis and for the turbulent analyses carried out with three
different turbulence models.
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Figure 5.14: Comparison between experimental and numerical results of ullage temperatures at the lo-
cations of the probes T7 and T14 (a), ullage temperature at the location of the probes T6 (b), ullage
temperatures at the locations of the probes T4 and T5 (c), and liquid temperatures at the locations of the

probes T1, T2, and T3 (d). Numerical predictions refer to both laminar analysis and to turbulent analyses
carried out with three different turbulence models.

The Fig. 5.17 (right) shows the wall to fluid heat flux, almost at the end of the pressure decrease
phase (200 s). At this time instant, the thermal imbalances induced in the ullage by the pressurant
gas injection have relaxed, and the heat flux between the ullage and its adjacent wall is averagely
null, both in the laminar and in the turbulent case. Instead, the peak of heat flux below the
liquid-ullage interface, which was noticeable also at 60 s, is still present.

Fig. 5.18 shows the temperature difference between the wall and the fluid adjacent to the wall
(calculated only on the cylindrical part of the tank, both at 60 s and at 200 s), which is the driving
force for the heat flux. This figure refers to the turbulent case with the SST k — w with low-Re

corrections model. It is evident that this temperature difference shows the same qualitative behavior
as the wall to fluid heat flux.

Wall to fluid heat fluxes over the tank axial coordinate, "z", at various times, obtained with the

SST k — w with low-Re corrections model, are shown in Fig. 5.19 (left). It is interesting to observe

104



5.6. Results

290 110

T
T12
T13

T9
T10

280

lpomm o mm o™ ™ mm oano apo o oono moomm oo 0 0o ooooo oooo oog

K]

270

Temperature
Temperature [K]

L L L L 75 . | . L
0 50 100 150 200 %0 50 100 150 20
Time [s]

(a) (b)

- Experimental
Laminar
---Realizable k-, EWT
—k-w, SST, low-Re corr.
-—-k-w, SST

Figure 5.15: Comparison between experimental and numerical results of tank wall temperatures at the
locations of the probes T11, T12, and T13 (a), and at the locations of the probes T9 and T10 (b). Numerical
predictions refer to both laminar analysis and to turbulent analyses carried out with three different turbulence
models.

how the heat flux profile varies in time from the initial condition, to the configuration assumed during
the active-pressurization, and, finally, to the configuration assumed at the end of the relaxation
phase. During the active-pressurization phase, the heat flux from the ullage to the wall increases
in time. Then, during the relaxation phase, it decreases, reaching an approximately adiabatic
condition at the end of the test. On the contrary, the peak of heat flux which develops under the

free-surface increases in time both during the active-pressurization and during the relaxation phase,
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Figure 5.16: Comparison between experimental and numerical (with laminar and with SST k — w with
low-Re corrections models) temperature stratifications at 200 s (left), together with a zoom of the region
close to the liquid-ullage interface (right). The liquid-ullage interface level is represented with a horizontal
dotted line.
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as it is evident in the zoom in Fig. 5.19 (right). The peak of heat flux under the free-surface is

correlated with the presence of a recirculation bubble, indeed the height of the bubble and of the

region characterized by the peak of heat flux are comparable. Velocity magnitude contours and

streamlines, at 60 s, obtained for the turbulent case with the SST k — w with low-Re corrections
model, are shown in Fig. 5.20 (left). The zoom of these contours, in Fig. 5.20 (right), highlights

the presence of the recirculation bubble under the free-surface.

We have seen in the previous analyses that the wall plays an important role in the distribution

of the heat between the ullage and the liquid. Hence, it can be concluded that simulating the wall
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Figure 5.17: Wall to fluid heat fluxes over the tank axial coordinate, "z"
(right), obtained with the laminar and with the SST k —w with low-Re corrections models. The liquid-ullage
interface level is represented with a horizontal dotted line.
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Figure 5.18: Temperature difference (obtained with the SST k —w with low-Re corrections model) between
the wall and the fluid adjacent to the wall, calculated only on the cylindrical part of the tank.
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region, through the use of a conjugate heat transfer model, is fundamental in the case of cryogenic

tanks actively-pressurized with a relatively hot pressurant gas.

As concerns the phase change, both models predict an evaporation peak at the initial instants

of the experiment, followed by condensation during both the active-pressurization phase and the

pressure decrease phase, as can be seen in Fig. 5.21. In addition, both models show that the mass

transfer rate due to condensation increases during the active-pressurization, and decreases during

the following phase, but the turbulent model predicts a higher mass transfer rate.
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If the experiment would be continued beyond the pressure decrease phase, it is reasonable to
expect that a self-pressurization phase would begin, caused by the thermal input due to the high
temperature boundary condition imposed on the outer surface of the lid. In Fig. 5.22, the pressure
evolutions continued beyond the experimental duration, obtained with the laminar and with the
SST k — w with low-Re corrections models, are shown. The vertical dashed dotted lines denote the

local pressure minimum, marking the conclusion of the pressure relaxation phase, for both laminar
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Figure 5.21: Phase change mass flow rate for laminar and turbulent (with SST k—w with low-Re corrections
model) analyses.
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Figure 5.22: Pressure evolutions, obtained with the laminar and with the SST k—w with low-Re corrections
models, during and after the experimental duration. Vertical dashed dotted lines indicate the end of the
pressure decrease phase for laminar and turbulent cases.
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and turbulent cases. It is evident that, even if the turbulent model is more adequate than the
laminar to describe the pressure evolution during the experimental duration, it predicts a pressure
decrease phase longer than the experimental one. Indeed, in [72], the relaxation phase is said to end
at 213 s. On the contrary, the laminar model is more adequate in predicting the duration of the
pressure decrease phase. After the pressure decrease, both models predict self-pressurization, but
with different rates. For times longer than the experimental duration, the laminar model might be
more appropriate than the turbulent one since, once the jet and the thermal input into the tank due
to the hot pressurant gas are removed, the flow might laminarize. Further experimental data would
be needed to understand which model is the most accurate for describing the self-pressurization

phase occurring after the pressure relaxation.

5.6.5 Comparison between CFD and 0D model results

The 0D model, presented in Chap. 2, can be used to estimate both the average temperature of the
liquid and the ullage at any time and the pressure evolution for the selected validation test case.
Moreover, the results of the 0D model can be compared with those obtained with our CFD method-
ology. Fig. 5.23 shows a comparison between experimental data, 0D model results, and numerical
results of pressure evolution (Fig. 5.23 (a)) and temperature stratification at 200 s (Fig. 5.23 (b)).
CFD predictions refer to the computation carried out with the SST k — w with low-Re corrections
turbulence model. The temperature stratification profile has been extracted at the tank radial co-
ordinate corresponding to the one where the rake with the temperature probes from T1 to T8 is
located. It is evident in Fig. 5.23 (a) that the 0D model is able to describe the pressure rise rate,
with reasonable accuracy, during the active-pressurization phase. But, it is characterized by poor
agreement with the experimental data during the relaxation phase, as it overestimates the depres-
surization rate. As for the temperature results (Fig. 5.23 (b)), the liquid temperature estimated
by the 0D model, at 200 s, is very similar to the experimental one and to the one estimated with
the CFD simulation, except for the fact that the CFD model predicts a thin thermal stratification
zone close to the free-surface. Finally, regarding the temperature within the ullage, the one esti-
mated by the 0D model closely matches the average of both the experimental and CFD temperature
distributions at 200 s.
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Chapter 6
Reduced gravity analyses

After validating our methodology with pressurization results in normal gravity, in the previous chap-
ters, we present the results of the application of our CFD methodology to the first self-pressurization
experiment, in reduced gravity, with data sufficiently detailed for validating storage tank models
[117]. The test tank is the liquid Hy tank of the second stage of the Saturn IB AS-203 vehicle, and
the self-pressurization experiment was carried out while it was into circular low Earth orbit. Due to
the orbital environment, this tank absorbed the heat flux due to solar radiation. Moreover, it was
subjected to an axial acceleration resulting from the balance between an axial thrust and the drag
force. This acceleration, although low, was sufficient to keep the propellant stabilized during all
the experiment. All the experiments chosen for validation purposes, in this thesis, concern a liquid
with a non-moving interface, which is a significant simplification compared to reality (see Sec. 1.5).
In addition, the time-varying acceleration and heat flux to which the tank was exposed during the
experiment have been modeled in our analysis.

The results of the validation show that the proposed CFD methodology allows to describe the
main thermo-fluid-dynamics phenomena occurring in cryogenic tanks during self-pressurization in
reduced gravity with a reasonably good accuracy.

After carrying out the validation of the CFD methodology in reduced gravity, we also present
the results of a parametric study involving four gravity levels, from normal gravity (g = 9.81
m/s?), to the reduced gravity value of 1073gg. This study has been performed using the same
geometry, fluid, and operating conditions of the validation test case presented in Chap. 4. This
study has allowed to see the effect of the gravity level on the pressurization behavior, phase change,
liquid-ullage interface shape, etc. Further investigations would be needed, and the parameter space
should be further expanded (for example studying the effect of the applied heat flux level) in order

to extend the knowledge of cryogenic fluid behavior under reduced gravity.

6.1 Literature survey on pressurization in reduced gravity

Studying the thermo-fluid-dynamics behavior of cryogenic propellant at different gravity levels is
crucial for the design of upper stage cryogenic storage tanks. Indeed, these last, during their
operating life, experience extremely variable gravity levels. The gravity level influences the boiling
process, as pointed out in both numerical and experimental studies on pool boiling. Also the

dynamics of the free-surface is influenced by the gravity level, indeed, in conditions of low Bond
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number, the surface tension force prevails over the gravity force, leading to motions of the free-
surface along the tank walls.

The first self-pressurization experiment in reduced gravity with data sufficiently detailed for
validating storage tank models was carried out in the liquid Hy tank of the second stage of the Saturn
IB AS-203 vehicle [117]|. Details of this experiment will be presented in Sec. 6.2.1. More recently,
self-pressurization data sufficiently detailed for CFD methodologies validation were obtained in
the framework of the Zero-Boil-Off (ZBOT) experiments [48]. These last were several small-scale
experiments, carried out aboard the ISS, in a transparent tank, partially filled with the Perfluoro-
n-Pentane refrigerant.

Experimental data are fundamental for validation of CFD methodologies, but there are a few
issues with experiments. Firstly, there is a lot of uncertainty in the experimental data. Secondly, ex-
periments in microgravity environment are very expensive and complex to design. These limitations
highlight the potentialities of CFD simulations.

Data collected during the self-pressurization experiment in the Saturn IB AS-203 tank [117], have
been used in a fair number of studies concerning CFD methodologies validation. Among these, in [3|
a multi-phase numerical framework, utilizing real fluid properties, was proposed, and its applicability
to different classes of propellant tank applications, among which the self-pressurization in orbit, was
demonstrated, replicating experimental data from [117]. While, in [69], a CFD model to study the
effect of gravity level on the thermal behavior, in a liquid Hy tank, was selected and validated with
data from [117]. Moreover, in [44], two two-phase CFD models for cryogenic tanks pressurization,
based either on the Sharp Interface approach, or on the VOF method, were presented. Both models
were validated using data from [117], and the VOF model produced better agreement.

Other promising CFD methodologies were also presented in the open literature, and validated
with more recent experimental data. For example, in [28]|, a computational methodology based on
the Coupled Level-Set and the Volume-of-Fluid (CLSVOF) method was validated against experi-
mental results by Seo and Jeong [96], and used to study the evaporation and its effect on vapor
pressure under microgravity. A self-pressurizing tank, partially filled with liquid Hs, was taken
into account, and the effects of reduced gravity, contact angle of the vapor bubble, and surface
tension were investigated. Moreover, in [46], a CFD methodology (based on a 3D VOF model) for
simulating both the self-pressurization and the pressure control, through jet mixing, in a Freon-113
tank in microgravity was presented. In addition, it was validated through comparison with the ex-
perimental results of the Tank Pressure Control Experiment (TPCE), carried out aboard the Space
Shuttle in 1991 [11]. Later, in [49], results from experiments carried out both on ground and in the
microgravity environment of the ISS, as part of the ZBOT experimental program, were presented.
These experiments included both self-pressurization and pressure control, through jet mixing, anal-
yses, and were made using the refrigerant Perfluoro-n-Pentano (PnP) as simulant fluid. Moreover,
a two-phase CFD model, based on the Sharp Interface approach for self-pressurization analyses and
on VOF model for the jet mixing cases, was presented, and validated through comparison with the
ZBOT experimental data.
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6.2 Validation with liquid H, self-pressurization data in micrograv-
ity
In this section, the validation of the CFD methodology with the results of the self-pressurization

experiment carried out in low Earth orbit will be presented.

6.2.1 Test case description

The test case under consideration is a self-pressurization experiment carried out in the liquid Hs
tank of the second stage of the Saturn IB AS-203 vehicle [117].

This tank has a height, H, of 11.3 m, and a radius, R, of 3.3 m. The initial liquid mass is 7103.3
kg, corresponding to an initial liquid height, H;, of 4.1 m, and the ullage contains only evaporated

Hs. The tank characteristic dimensions are schematized in Fig. 6.1. The tank shares a common

_ R=33m
- | Forward
dome
Ullage

=

Baffles Dry sidewall
H=113m
_
F 3
Liquid
Wet sidewall
H=41m
Common
bulkhead Aft dome
R 2 A4

Figure 6.1: Tank scheme with the indication of the characteristic dimensions and of the names of the
various parts in which the wall can be divided.

bulkhead with the liquid Os tank, which is placed below it.
The test tank was in a circular low Earth orbit, and, thus, absorbed a time-varying heat flux due
to solar radiation, which caused self-pressurization. Moreover, it was subjected to a time-varying

axial acceleration resulting from the balance between an axial thrust and the drag force.
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6.2.2 Thermophysical and transport properties

For the liquid Hs, the Boussinesq approximation is selected for the density, and constant ther-
mophysical and transport properties, taken from the NIST Chemistry WebBook [65] database, at

the average pressure and liquid temperature, are used. All constant liquid properties are listed in
Tab. 6.1.

Table 6.1: Constant physical properties for the liquid Hy, taken from [65].

p A Cp Iz
[kg/m?] [W/(m-K)] [J/(kg-K)] [Pa-s]
Liquid phase  70.48 0.10108 9927 1.3147-10°°

The gaseous Hs is modeled as an ideal gas, with temperature dependent specific heat, thermal
conductivity, and viscosity. The latter are modeled, as shown in Fig. 6.2, as a piecewise linear fit

of the NIST data, at the average pressure. The Hy saturation curve (see Fig. 6.3) is approximated

4
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Figure 6.2: Gaseous Hs specific heat, thermal conductivity, and viscosity. The latter are modeled as a
piecewise linear fit of the NIST data, at the average pressure.

with a piecewise linear fit of the NIST data. Moreover, a constant value of the surface tension
coefficient, equal to 0.0016158 N/m, is used. A standard state enthalpy of -9.012 -10% J/kmol and
of 0 J/kmol, both at the reference temperature of 298.15 K, are used for the liquid Hy and for the
gaseous Ho, respectively. These values have been retrieved from [73]. Moreover, a liquid volumetric
thermal expansion coefficient of 0.0171 1/K is used, which has been computed from the NIST data,
using Eq. (3.60), in Sec. 3.7.
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6.2.3 Computational setup

The pressure-based solver of the commercial CFD software Ansys Fluent® [1] is used to simulate
the transient self-pressurization phenomenon. The flow is modeled as 2D axisymmetric. A second
order implicit time scheme is used for time discretization, and a minimum time step of 0.005 s
is used in order to keep the residuals below a proper limit. Second order upwind schemes are
used for spatial discretization of the convective terms in the governing equations. Ansys Fluent®’s
"Compressive" scheme [1] is used for the volume fraction equation with the selection of sharp
interface regime modeling. "PRESTO!" scheme [1] is used to interpolate pressure values at the cell
faces. The chosen pressure-velocity coupling scheme is SIMPLE. Green-Gauss node based scheme
is used to calculate the properties’ gradients. All the walls are set as no-slip walls, with a contact
angle of 90°. An interpolation of the experimental time-varying heat flux is imposed, as boundary
condition, on each part of the tank wall, instead the walls of the baffles are treated as adiabatic.
The different parts of the tank wall are indicated in Fig. 6.1. Fig. 6.4 represents the evolution of
both the experimental and the interpolated heat transfer rate on the different parts of the tank
wall. The tank axial acceleration level is modeled as an interpolation of its experimental values.
This interpolation, together with the experimental acceleration, are represented in Fig. 6.5. The
tank is initialized at a pressure of 85495 Pa; the initial liquid temperature is 19.72 K; the ullage is
initialized using a linear stratification between the liquid temperature and a temperature of 22.5 K
[117]; and both phases are initialized as quiescent.

If the modified Rayleigh number, based on the liquid level, is estimated using Eq. (4.1), it
results to be of the order of 104, so higher than the critical value for the transition from laminar to
turbulent. For this reason, the flow has been modeled as turbulent, and the SST k — w turbulence
model of Menter [74] has been used.
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Figure 6.3: Used approximation of Hy saturation curve (piecewise linear fit of the NIST data).
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6.2.4 Grid convergence study

A grid convergence study with three grids, characterized by an increasing level of spatial accuracy,
has been carried out. The used grids are hybrid structured-unstructured. Indeed, they are unstruc-
tured in the central region, where there are the baffles, and structured elsewhere. Details of the
used computational grids are reported in Tab. 6.2. Pressure evolutions obtained with the three grid

levels are shown in Fig. 6.6. The pressure results obtained with the coarsest grid show a limited
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Figure 6.4: Experimental and interpolated heat transfer rates on the different parts of the tank wall, whose
names are indicated in Fig. 6.1.
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Figure 6.5: Experimental and interpolated acceleration.
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Table 6.2: Details of the computational grids used for grid independence study.

No. of cells Wall-Interface spacing

-] [mm]
Grid 1 23401 4
Grid 2 34017 4
Grid 3 84694 2
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Figure 6.6: Numerical pressurization curves obtained with the three grids used for grid independence study.
The characteristics of the used grids are summarized in Tab. 6.2.

discrepancy with respect to the ones obtained with the medium grid. Instead, the pressure results
of these two grids show a not negligible discrepancy with respect to the one obtained with the finest
grid. However, with the finest grid the numerical solution is too time-consuming for practical use,
and so the medium grid, which is indicated as "Grid 2" in Tab. 6.2, has been selected for a trade-off
between accuracy and computational time. "Grid 2" is represented in Fig. 6.7. On the right half
of the figure there are a zoom of the tank region comprising the baffles and of the edge region
developing near the common bulkhead.

Thermal stratification profiles in Fig. 6.8, show the value, at tank axis of symmetry, of the ratio
y/H as a function of temperature, at the final instant of the test, for the two coarsest grid levels.
In the y/H expression, y represents tank vertical dimension, and H represents tank height. The
difference between the temperature at the top of the tank and that at the liquid-ullage interface is
about 152 K for both grid levels. Instead, an experimental value of 107.8 K is reported in [117]. The
overestimation of the ullage temperature stratification in CFD analyses may probably be attributed
to the lack of the conjugate heat transfer model. Indeed, the wall conduction plays a role in diverting

part of the heat toward the lower part of the tank, as we have seen in the case of self-pressurization
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Figure 6.7: Representation of "Grid 2", whose details are given in Tab. 6.2. On the right half of the
figure there are a zoom of the tank region comprising the baffles and of the edge region developing near the
common bulkhead.
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Figure 6.8: Thermal stratification profiles at tank axis of symmetry, at the final instant of the test, for the
two coarsest grid levels.
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in normal gravity (see Sec. 4.6.6). Another reason of the mismatch can be the selected turbulence

model.

6.2.5 Results: physical phenomena in reduced gravity

An analysis of some physical phenomena occurring during this experiment will be presented in this
section. All the presented results have been obtained with the selected grid (i.e. "Grid 2").
Contours of liquid Hy volume fraction in the bottom part of the tank, at various times, ranging

from 0 min to 15 min, are shown in Fig. 6.9. It is evident that boiling occurs at the tank walls. The
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Figure 6.9: Contours of liquid Hs volume fraction in the bottom part of the tank, at various times, ranging
from 0 min to 15 min.

boiling has not the characteristics of boiling in microgravity, indeed, there is not the coalescence of
many bubbles into a single large bubble, which remains attached to the wall, but the formation of
many bubbles raising upward. This means that the gravity level is sufficient to give rise to buoyancy
forces. Moreover, the boiling intensity decreases after 6 min, as it is evidenced by the reduction
in the amount of wall bubbles for longer times. This is due to the profile of the heat transfer rate
entering the liquid from the wet sidewall. Indeed, the interpolated profile, which is the one that
has been used to compute the heat flux used as boundary condition, shows a decreasing behavior
after about 8 min and until about 58 min. Also Fig. 6.10, which shows liquid Hy volume fraction
in the bottom part of the tank, at higher times, ranging from 24 min to 42 min, witnesses that the
boiling intensity continues to decrease during the phase characterized by a decreasing behavior of
the imposed wall heat flux. Moreover, from Fig. 6.9 and Fig. 6.10, it is evident that there is no
rising of liquid on the walls, even if the experiment is carried out in a reduced gravity environment.
This behavior is due to the Bond number, which is the ratio of buoyancy forces to surface tension

force (see Eq. (1.4)). Indeed, if the Bond number is estimated using the medium acceleration level
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Figure 6.10: Contours of liquid Hs volume fraction in the bottom part of the tank, at various times,
ranging from 24 min to 42 min.

(1.7 - 10~*gg), it results to be of the order of 103, both if it is based on the liquid height and if it
is based on the tank diameter. This means that the level of acceleration, although low, is sufficient
to keep the liquid stabilized throughout the experiment.

As regards the temperature, Fig. 6.11 shows temperature contours at the beginning (0 min), at
about the middle (45 min), and at about the end (89 min) of the test. Streamlines are also shown in
the right half of each figure. The figure at 0 min shows the initial condition, which, as already said
in Sec. 6.2.3, is characterized by temperature stratification in the ullage, uniform temperature in

the liquid, and null velocity in both phases. Figures at 45 and 89 min show that the ullage continues
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Figure 6.11: Temperature contours and streamlines at 0 min, 45 min, and 89 min.

to be thermally stratified, as it has already been shown in Fig. 6.8. Moreover, the presence of the
baffles highly influences the thermal behavior of the tank, as it creates an obstacle for the convective
recirculations. Indeed, the highest temperature values in the tank are reached at the edge located
below the upper baffle. This is due both to the heat flux applied on the wet sidewall, which has the
largest values compared to those on the other walls, and to the presence of the baffle.

It is interesting to highlight that even the very low acceleration level is sufficient to support
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convective motions in both the liquid and the ullage. The presence of convective recirculations,

which are shown in Fig. 6.11, is also witnessed by the thermal stratification.

6.3 Parametric study on the gravity level

In this section, the parametric study carried out for four gravity levels (gg, 10~ 1gg, 1072gg, and
1073gg) will be presented. The geometry, fluid, wall material, and operating conditions are the
same of the validation test case [84] presented in Chap. 4. The selected test case involves liquid
Ny self-pressurization, inside a cylindrical tank, made of 316 SS. Details about the geometry can
be read in Sec. 4.2. The initial liquid volume fraction is equal to 88%, and the initial pressure is
106 kPa. Moreover, the intermediate value of the entering heat transfer rate (see Sec. 4.6.8), 1.48
W, has been used to calculate the heat flux applied to the wall. The thermophysical and transport

properties have been chosen as in Sec. 4.3.

6.3.1 Computational setup

The same computational setup of Sec. 4.4 has been used. Different computational grids, whose
details are summarized in Tab. 6.3, have been used for the cases characterized by different gravity
levels. Indeed, being the liquid-ullage interface not flat under reduced gravity conditions, the grid
has been refined in the regions where the interface is expected to be during the test, in order for

the shape of the interface to be reconstructed well. All the used grids are structured, and they are

Table 6.3: Details of the simulations carried out for the parametric study: gravity level, grid name, number
of grid cells, grid spacing at the wall, time step, and number of iterations per time step.

Gravity level Grid name No. of cells Wall spacing Time step Iter/time step

[m/s?] -] -] [mm] [s] -]

JE Grid 1* 8344 0.23 0.01 30
10~ gp Grid 2% 26052 0.23 0.001 30
10~ 2gp Grid 2* 26052 0.23 0.001 30
103gp Grid 3* 67392 0.23 0.001 40

characterized by an increasing number of cells as gravity decreases (except for the cases at 10~ !gp
and 10~2gg, for which the same grid has been used). The used grids are represented in Fig. 6.12.
The time step and number of iterations per time step used for each simulation are summarized in
Tab. 6.3, and have been selected in order to keep the residuals below proper limits.

The laminar model has been used, as the flow is expected to be laminar for all the gravity
levels considered, as it is clear from Fig. 6.13. The latter shows the modified Rayleigh number (see
Eq. (4.1)), Ra*, calculated both based on the wet sidewall and on the dry sidewall, as a function
of the ratio between the gravity level and normal gravity (both axes are in logarithmic scale). A
horizontal dashed-dotted line, corresponding to Ra*=10'!, is also shown to indicate the transition
from laminar to turbulent. From the figure, it is evident that the flow becomes weakly turbulent
only in normal gravity and only in the liquid. For this reason, the laminar model has been adopted.

The following boundary conditions are imposed: a heat flux of 7.281 W/m? on the external tank
walls and a no-slip coupled wall boundary condition at the interface between the fluid and the wall,

with a contact angle of 5°. This last value has been selected as it is in the range of the contact
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Figure 6.12: Grids used for the simulations of the parametric study on the gravity level. Details of the
represented grids can be found in Tab. 6.3.
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Figure 6.13: Modified Rayleigh number, Ra*, calculated both based on the wet sidewall and on the dry
sidewall, as a function of the ratio between the gravity level and normal gravity (both axes are in logarithmic
scale).

angles for cryogenic liquids in contact with typical tank wall materials (aluminum or stainless steel)
[10, 14]. The liquid and vapor phases are initialized as quiescent, at a pressure of 106 kPa and at a
temperature corresponding to the saturation temperature at the initial tank pressure. The wall is

initialized at the same uniform temperature as the fluid phases.
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6.3.2 Results

Varying the gravity level from normal gravity, gz, to 10~3gg, the Bond number (see Eq. (1.4)), Bo,

is characterized by large excursions, as it is shown in Fig. 6.14. This last shows the Bond number,

Radius
Diameter ]
Wet sidewall

_3 1 1 1 1 1

-6 -5 -4 -3 -2 -1 0
log(g/gx)
Figure 6.14: Bond number, Bo, calculated based either on the wet sidewall, or on the tank radius, or on

the tank diameter, as a function of the ratio between the gravity level and normal gravity (both axes are in
logarithmic scale).

calculated based either on the wet sidewall, or on the tank radius, or on the tank diameter, as a
function of the ratio between the gravity level and normal gravity (both axes are in logarithmic
scale). As the gravity level decreases, the Bond number decreases, and the surface tension force
assumes an increasing influence over the buoyancy force. As a consequence, the liquid-vapor interface
does not remain flat in time. Fig. 6.15 shows contours of liquid N9 volume fraction at 60 s, obtained
for the four tested gravity levels. As the gravity level decreases, the amount of liquid rising on
the tank wall increases. The liquid-ullage interface begins to have a not negligible distortion for
g = 1072gg, and, for ¢ = 1073¢gg, the liquid has completely risen up along the wall initially in
contact with the vapor.

The pressure evolutions in the tank, obtained for the four considered gravity levels, are shown in
Fig. 6.16. It is evident that the pressurization rate increases as gravity level decreases, but, below
10~2gg, the effect of gravity on the pressurization rate becomes less pronounced. Moreover, the
difference in the pressurization rate for the various gravity levels is higher at the initial instants,
and reduces as time progresses. The pressure behavior as gravity changes can be explained looking
at the phase change mass flow rate evolutions for the four gravity levels, in Fig. 6.17. At the initial
instants, the slopes of the curves reflect the behavior with gravity of the slopes of the pressure curves.
Instead, after about 20 seconds, all the curves obtained in reduced gravity tend to assume similar
trends. This behavior can be explained by the entity of the buoyancy forces. Indeed, in normal
gravity, the convective motions cause the hot fluid zones which form near the wall to move upwards,

while, in reduced gravity, these hot fluid layers are not pushed upwards by convection, and continue
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Figure 6.15: Contours of liquid Ny volume fraction, at 60 s, for the four gravity levels considered in the
parametric study.
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Figure 6.16: Pressure evolutions for the four gravity levels considered in the parametric study.

to heat up. Thus, the superheated state is reached earlier, and boiling has a higher intensity in the
lowest gravity case. Nevertheless, within a few seconds, even in the other cases at reduced gravity,

a superheated layer develops on the wetted wall, and that explains why, after about 20 s, all the
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Figure 6.17: Phase change mass flow rate evolutions for the four gravity levels considered in the parametric
study.

curves of phase change mass flow rate obtained in reduced gravity tend to assume similar trends.
Once the difference in the phase change mass flow rate has diminished, also the difference in the

pressurization rates reduces.
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Chapter 7
Conclusions and future work

A thermo-fluid-dynamics characterization of the behavior of cryogenic propellant inside tanks has
been carried out for two types of cryogenic propellant (Hs and Nj), under various operating con-
ditions (the self-pressurization and the active-pressurization on ground, and the self-pressurization
in reduced-gravity conditions). Thermo-fluid-dynamics characterization, in addition to the study
of fluid-dynamics behavior and of heat transfer characteristics of cryogenic propellant, is aimed at
estimating the following observables: the pressurization rate, the temperature stratification, and
the phase change mass flow rate. Carrying out this kind of analysis is very important from both
a scientific and technological standpoint. Indeed, heat leaks from the outside environment are in-
evitable in cryogenic tanks, causing propellant vaporization. This last, together with the heating
of the ullage, causes tank self-pressurization, in the case of a closed tank without venting. Pressur-
ization can also be actively performed in some situations. In the design phase of cryogenic tanks,
tank pressure levels as well as local temperature values must be reliably quantified and controlled
in order to ensure proper inlet conditions for the turbopumps. Besides these aspects, additional
phenomena increase the complexity of thermo-fluid-dynamics characterization in the case of reduced
gravity (the different characteristics of boiling, the role of surface tension etc.). The study of these
phenomena is critical for the design of cryogenic tanks, and has been extensively carried out in the
literature by means of experiments, reduced order models, and numerical simulations. FExperiments
are expensive and complex to design, especially in the microgravity environment, and there is a lot
of uncertainty in the experimental data. Reduced order models, of various levels of sophistication,
are an engineering tool useful to make quick estimates of the main observables. Nevertheless, they
do not allow to consider all the physical phenomena at play, and to monitor the local characteristics
of the propellant in the tank (temperature distribution, bubble formation, fluid-dynamics paths
etc.), as in CFD simulations. These last, instead, for cryogenic tank operations, have the draw-
back of being time-consuming, due to the two-phase flow modeling (interface reconstruction) and
to the unsteadiness of the phenomenon. Despite this critical issue, CFD simulations represent an
important complementary tool to the experiments to approach the study of thermo-fluid-dynamics

behavior of cryogenic propellant in tanks.

The objective of this thesis is twofold. On the one hand, a reduced 0D model has been im-
plemented in Matlab, verified with a 1D model developed by NASA, and utilized to perform the

simulation of benchmark test cases retrieved from the literature. On the other hand, a state of the
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art CFD methodology has been set up, and validated with the experimental data of three validation

test cases.

As concerns the 0D model, the comparison between its results and the ones obtained with the
1D code, for two characteristic operating conditions, namely the storage regime and the blowdown
regime, has shown that the 0D model is able to describe, with reasonable accuracy, the main observ-
ables of the thermo-fluid-dynamics characterization for both the operating conditions. This result
underscores the usefulness of the 0D model, which, moreover, requires less effort to be implemented
with respect to the 1D model. The 0D model has been also used, alongside the CFD methodology,
to perform the simulation of two benchmark validation experiments. The following results have

been obtained:

e A ground-based self-pressurization experiment, in a small-scale liquid Ns tank, has been sim-
ulated. The experimental pressure rise rate has been reproduced with reasonable accuracy
(with a percentage error on pressure slightly above 2%). Obviously, the 0D model is inher-
ently not able to reproduce the temperature stratifications arising both in the ullage and close
to the free-surface, and the estimated average liquid and ullage temperatures at 2 h have,

respectively, overestimated and underestimated the experimental values.

e A ground-based active-pressurization experiment in a small-scale liquid No tank has been
simulated. The 0D model has resulted able to describe the pressure rise rate with reasonable
accuracy, during the active-pressurization phase. But, there has been poor agreement with
the experimental data during the relaxation phase, due to an overestimation of the depres-
surization rate. As for the temperature results, the liquid temperature estimated by the 0D
model, at 200 s, has resulted very similar to both the one estimated with the CFD simulation
and to the experimental one. Regarding the temperature within the ullage, the one estimated
by the 0D model, at 200 s, has closely matched the average of both the CFD and experimental

distributions.

As regards the developed CFD methodology, it is based on the use of the Volume-of-Fluid
method to reconstruct the liquid-ullage interface, of the Lee model to compute the mass transfer
due to phase change, and of the Continuum Surface Force model to take into account the effect
of surface tension. The tank is schematized as 2D axisymmetric, due to the symmetry of the ge-
ometry, boundary condition, and flow field. Transient simulations have been carried out using the

commercial software Ansys Fluent®, and three validation test cases have been simulated.

The first validation test case involves liquid Ny self-pressurization in a small-scale tank, exposed
to the heat flux generated by three heaters. With this validation we have assessed the potentialities
and the weaknesses of various numerical models in reproducing experimental temperature strati-
fication profiles close to the free-surface, as well as pressure rise rates. The main results are the

following;:

e Phase change computation using Lee model is insensitive to the value of mass transfer intensity
factor. Indeed, pressure rise rate shows variations less than 1% for variations of this parameter
of three orders of magnitude. However, the choice of the mass transfer intensity factor plays

a role in the stability of the numerical computation.
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e In order to describe the liquid temperature stratification close to the free-surface, it is necessary
to simulate the self-pressurization phenomenon including the solid wall region, and using a
conjugate heat transfer model. This is due to the fact that heat flux paths within the tank
wall play a fundamental role in distributing the entering heat transfer rate between the liquid

and the ullage.

e Using a turbulence model leads to an overestimation of convective recirculations, and, conse-
quently, to a prediction of a higher mixing than the actual one. This causes the inability of the
turbulence models to represent the liquid temperature stratification close to the free-surface.

Instead, for the ullage, a higher thermal stratification than the actual one is obtained.

e The experimental uncertainty on the entering heat transfer rate may substantially affect the

numerical predictions.

e Modeling the vapor as an ideal gas and the liquid with the Boussinesq approximation leads
to results of pressure and temperature stratification comparable with respect to the ones
obtained when using real thermodynamic and transport properties for liquid and gaseous No,
taken from the NIST Chemistry WebBook. Instead, the computational time reduces of about

3.25 times with respect to the case when real properties are used.

e Numerical results show that using a coupled algorithm for pressure-velocity coupling allows to
obtain results of pressurization rate and of thermal stratification comparable to those obtained
with a segregated algorithm, but with a time step 2.5 times larger than that required in the
segregated algorithm.

The second validation experiment is a ground-based active-pressurization experiment, inside a
liquid Ny tank. With our methodology, a high fidelity reproduction of both the active-pressurization
rate and of the pressure decrease following the end of gas injection is obtained. The main results

obtained are:

e The active-pressurization rate is dependent on the initial ullage mass value. Thus, the exper-

imental uncertainty on this parameter affects the numerical predictions.

e The numerical modeling of the final instants of the pressurant gas injection requires some
attention, to avoid having unphysical results. In particular, the gas injection should not be
stopped instantaneously, but using a decreasing profile for the pressurant gas mass flow rate, in
order to avoid sudden unphysical temperature drops near the diffuser and at the axisymmetric

boundary.

e All the three tested turbulence models allow for a better estimation of the active-pressurization
rate, compared to the one obtained with the laminar model. While, the pressure decrease phase
of the experiment is described with the highest accuracy when the SST k — w with low-Re

corrections turbulence model is used.

e The discrepancies caused by modeling the flow either as laminar or as turbulent are more

pronounced on pressure results with respect to temperature results.
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e Even if the turbulent models have proven to be more adequate than the laminar one to describe
the pressure evolution during the experimental duration, they predict a pressure decrease
phase longer than the experimental one. Instead, the laminar model is more adequate in

predicting the duration of the pressure decrease phase.

e Simulating the wall region, through the use of a conjugate heat transfer model, is fundamental
in the case of cryogenic tanks actively-pressurized with a high temperature pressurant gas.
This is due to the fact that heat flux paths within the tank wall play a fundamental role in

distributing, between the two phases, the energy input carried by the pressurant gas.

After validating our CFD methodology with pressurization results in normal gravity, a validation
of our methodology with the experimental data of the first self-pressurization experiment in reduced
gravity, with data sufficiently detailed for validating storage tank models, has been carried out. The
test tank is the liquid Hs tank of the second stage of the Saturn IB AS-203 vehicle, and the self-
pressurization experiment was carried out while it was into circular low Earth orbit. Thus, the
time-varying acceleration and heat flux to which the tank was exposed during the experiment have

been modeled in our analysis. The main results are the following:

e With the tested turbulence model (the SST k — w) the experimental pressurization rate is

described quite well.

e The temperature stratification in the ullage at the end of the experiment is overestimated of

about 40 K, this is probably due to the lack of the conjugate heat transfer model.

e Although the low level of average acceleration (1.7-10"%gg), the Bond number is high enough
(of the order of 103) to keep the liquid stabilized throughout the experiment.

e Thermal stratification develops within the ullage, and this is the proof that very low acceler-

ations are sufficient to support convective motions.

e The presence of the baffles highly influences the thermal behavior of the tank, as it creates an
obstacle for the convective recirculations. This causes the highest temperature values in the

tank to be reached at the edge located below the upper baffle.

The successfully validated methodology has been, finally, used to carry out a parametric study
on the gravity level. Four gravity levels, from normal gravity (g — 9.81 m/s?), until the reduced
gravity of 1073¢g, have been considered. This study has been performed using the same geometry,
fluid, and operating conditions of the first validation test case. The parametric study has shown
that the pressurization rate increases with the decrease of the gravity level. This is due to the
decrease of convective motions in reduced gravity, which causes hot fluid layers to remain adherent
to the wall, and continue to heat up, reaching more easily the superheated state. Thus, at the
initial instants, the increased boiling causes an increased pressurization rate, in the lowest gravity
case. Within a few seconds, the superheated state near the wall is reached also in the other cases
in reduced gravity, hence, the corresponding curves of phase change mass flow rate tend to assume

similar trends, and also the difference in the pressurization rates reduces.
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The objective of this study has been the thermo-fluid-dynamics characterization of the behavior
of the cryogenic propellant in tanks under numerous operating conditions. This has been done,
with two different levels of detail, using either the implemented and validated 0D model, or the
proposed CFD methodology. The proposed and validated methodology, as well as the results of the
parametric studies constitute a solid base from which to start, nevertheless some aspects have not
been considered yet, and should be tackled in the future. First of all, the influence of the sloshing
on the thermo-fluid-dynamics characterization should be considered, as it has been demonstrated
by experimental and numerical work that the sloshing has a strong impact on the thermal physical
processes occurring in cryogenic tanks, and because the sloshing is very common in upper-stage
liquid propellant tanks. Indeed, during sloshing there is thermal de-stratification induced by fluid
mixing, as well as heat and mass transfer at the liquid-ullage interface, which cause large pressure
drops in the tank. The quantification of these phenomena for cryogenic propellant tanks is crucial,
as large pressure collapse due to strong sloshing can induce engine pump cavitation and thrust
degeneration. Moreover, it is also fundamental to ensure that the pressure does not decrease beyond
the buckling limit, in order to guarantee the structural integrity. Secondly, in the present thesis,
the surface tension has been modeled as constant. This simplification, although accurate in the
normal gravity environment, is quite strong in the reduced gravity case, where the presence of
thermocapillary convection influences the bubbles behavior in case of boiling, as well as the free-
surface deformations. Hence, our CFD methodology could be improved, in the future, in order
to make it capable to take into account the effects of surface tension gradients. Furthermore, the
assumption of a constant static contact angle at the wall, which has been used in all the analyses,
is accurate enough for the cases without sloshing or without liquid surface reorientation due to
reduced gravity. Indeed, in these cases, the contact line does not move in time. Instead, in the
other cases, it would be desirable to use a model for the dynamic contact angle. Hence, in the future,
some work could be done on the proposed numerical methodology, in order to incorporate a proper
contact angle model, this would certainly be beneficial to the future parametric studies carried
out in reduced gravity. In addition, regarding the active-pressurization studies, it can be noticed
that, in the case analyzed, the pressurant gas is of the same chemical species as the propellant.
It is well known that, in real applications, He is often used as pressurant gas for cryogenic tanks.
When the pressurant gas species differs from the propellant already present in the tank additional
physical phenomena arise (e.g., the species diffusion), thus it would be important to make the
numerical methodology capable of taking into account all of them. Other phenomena that could
play a role in some situations, but that have not been considered in this thesis are: the presence of
a non-condensable gas, the formation of fog in the ullage, etc. Furthermore, because the analyses
carried out under reduced gravity conditions that we have presented are quite preliminary, further
parametric analyses (e.g., varying the incoming wall heat flux) and studies under different operating
conditions could also be conducted. Finally, once the proposed numerical methodology is enhanced,
it could be used to simulate a real mission profile of a high-stage tank, or even two tanks in a
common bulkhead configuration (e.g., a liquid Oy tank and a liquid CHy tank, as in the case of the

third stage of Vega E), from ground hold, to insertion into orbit and orbital phase.
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Appendix A

Derivation of the formula to compute the

thermal expansion coefficient from the
NIST Chemistry WebBook properties

In the following section, the formula to compute the thermal expansion coefficient from the NIST
Chemistry WebBook [65] properties is derived from the thermodynamic relations presented in [92].

It is possible to start from the relation for the speed of sound, a:

=2 (8p> (A1)
cy \Op ) p
and, using the definition of specific volume, v = %:
a? = —2y2 (8]9) (A.2)
Co ov )
The isothermal compressibility, k7, si defined as:
1 [ 0v
N i A3
" v (ap>T (8.9

The definition of k7 can be replaced in Eq. (A.2), obtaining:
a? =2 — (A.4)

Using the first principle of thermodynamics, and considering the internal energy and entropy as a

function of pressure and specific volume, the following expression is given:

/82
cp— €y = VT — (A.5)
KT

Replacing Eq. (A.5) in Eq. (A.4), one has:

a® = ¢, <Z’ - ) T152 (A.6)
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From the last relation the expression of the thermal expansion coefficient can be derived:

5 ch(cp_l)_l (A7)

Cy a

The latter expression can be used to compute 3 starting from c,, ¢,, and a values, taken from the

NIST Chemistry WebBook.
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